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Abstract—The galvanic isolation of solid-state transformers
(SSTs) is typically realized with a medium-frequency (MF)
magnetic-core transformer (MCT). Previous demonstrations
indicate that achieving highly power dense and lightweight
MCTs imposes several challenges on the design because of
stringent requirements related to insulation and cooling. This
work investigates the achievable efficiency of an optimized
166 kW / 7kV air-core transformer (ACT), which is a core part
of a DC Transformer (DCX), i.e., an unregulated DC-DC SST
with a voltage scaling defined by the transformer turns ratio.
The ACT features relatively low complexity of the construc-
tion, comparably high coupling values, and high efficiency.
Modeling, optimization, and construction of the realized ACT
are explained and guidelines regarding insulation, cooling,
and shielding of the magnetic stray flux are discussed in
detail. Furthermore, the prototype is experimentally validated
to demonstrate its full functionality. In the investigated DCX,
which is based on a series resonant converter (SRC) topology,
the realized ACT is found to achieve a full-load efficiency of
99.5 % and an unprecedented gravimetric power density of
16.5 kW/kg. With the use of 10 kV SiC MOSFETsS, the complete
DCX is estimated to reach an efficiency of 99 % at 166 kW
output power.

Index Terms—DC transformer (DCX), air-core transformer
(ACT), medium-frequency (MF), medium-voltage (MV), solid-
state transformers (SSTs).

I. INTRODUCTION

Solid-state transformers (SSTs) provide galvanic isolation
between two or more ports by means of medium-frequency
(MF) transformers, whereby at least one port operates at
medium-voltage (MV) levels (i.e., at voltages higher than
1kV). Typical power levels range from 50kW to several
megawatts. These characteristic properties render SSTs a
key component for a wide range of emerging applications,
such as future hybrid smart grid systems with AC and
DC sections [1], [2], grid interfaces for renewable power
sources [3], [4], hyperscale data centers [S5], [6], high-
power EV charging stations [7], [8], future ships [9]-[11],
and future aircraft with distributed propulsion and on-board
MVDC grids [12]-[14].

The SST’s key component, i.e., the medium-frequency
transformer (MFT), is typically realized as a magnetic-core
transformer (MCT), preferably as a dry-type MCT. However,
the design of the MCT is challenging, mainly because of
stringent requirements related to insulation and cooling, e.g.,
the need for void-free potting of the windings, handling of

increased thermal resistances, and higher parasitic capaci-
tances [15]. Furthermore, the mass of the magnetic cores and
of the dry-type insulation limits the achievable gravimetric
power density [6], [16], [17], which is clearly a drawback
for the airborne applications mentioned above, but may
also complicate handling during production and assembly
in general.

Air-core transformers (ACTs) represent an interesting
alternative as, by definition, they lack a magnetic core and
hence the windings must still be isolated from each other
but not from a magnetic core. This, in turn, facilitates the
use of air as insulation medium and, simultaneously, for
direct cooling of the windings. Hence, ACTs feature com-
parably straightforward construction and can achieve high
gravimetric power densities; however, a lower volumetric
power density must be expected. Recent publications reveal
that high-power inductively coupled wireless power transfer
(WPT) systems can reach high efficiencies close to 99 % and
allow for overall DC-DC converter efficiencies up to about
96 % [18], even though these systems typically employ pla-
nar coils with relatively low coupling factors. The achievable
efficiency of such inductive power transfer (IPT) systems
increases with the product of quality factor and coupling
coefficient [19]. Since for stationary applications alternative
coil geometries with potentially higher coupling factors than
planar coils (at similar quality factors) can be explored,
ACT designs for SST applications should be able to achieve
efficiencies considerably higher than 99 %. Furthermore, by
taking advantage of available SiC power semiconductors that
feature a high blocking voltage capability and a low on-state
resistance, the realization of an ACT-based isolated DC-DC
converter with an efficiency of close to 99 %, which is a
typical target efficiency for SSTs, seems to be feasible, even
considering that relatively high operating frequencies are
necessary due to the low magnetizing inductance of an ACT
(e.g., 85kHz is a typical value for high-power IPT systems
[18], [20]).

This paper analyzes an ACT that is the key component
of a series resonant converter (SRC) operated at the reso-
nance frequency, which therefore acts as a DC transformer
(DCX) [6], [22]-[24], i.e., tightly couples the DC input and
output voltages without the need for closed-loop control.
Tab. I lists the system’s key specifications.

We consider a unity ratio of primary-side to secondary-
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TABLE I. Specifications of the ACT-based 1:1-DCX.

Py 166 kW output power
Vbe TkV(£3.5kV) input and output DC voltage
Vi 10kV DC isolation voltage between
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Fig. 1. 1:1-DCX applications and options for scaling voltage and
power ratings. (a) 1:1-DCX as a power electronic link between
two MVDC buses, acting as a flexible bus-tie switch. (b) Coupling
of two AC grids [21], where the 1:1-DCX provides isolation
and dedicated AC-DC converters control the power flows. (¢) An
air-core transformer facilitates the realization of contactless and
spark-free plugs, e.g., for subsea applications. Combinations of
several 1:1-DCX in either (d) input-series, output-parallel (ISOP)
or (e) input-parallel, output-parallel (IPOP) configuration facilitate
a scaling to higher overall voltage or power ratings.

side DC port voltages (1:1-DCX), which is suitable for
several applications: in DC bus-tie applications [11] (see
Fig. 1(a)), the galvanic isolation of the 1:1-DCX enables
a more flexible grounding of subsystems than conventional
switches or connectors do. In open-loop operation it ensures
equal bus voltages and free bidirectional exchange of power.
Furthermore, the 1:1-DCX can provide power flow control
or output current limitation, e. g., by employing the quantum
operating mode introduced in [25]. To facilitate the coupling
of two AC grids [21], the 1:1-DCX can be complemented
by AC-DC and DC-AC converters, which then take over the
power flow control, see Fig. 1(b). Furthermore, because of
the absence of a magnetic core, an ACT lends itself to the
realization of contactless (and hence spark-free) plugs (see
Fig. 1(c)), which could find use in subsea applications or
in other harsh or explosion-prone environments such as in
mining [26]-[29]. Finally, a 1:1-DCX facilitates straightfor-
ward high-power back-to-back testing, i.e., the secondary-
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Fig. 2. (a) Converter topology of the 166 kW /7kV SRC 1:1-DCX.
(b) Simulated current and voltage waveforms at rated power and
with an operating frequency of f; = 77.4kHz.

side DC port can be directly connected back to the primary-
side DC port. In this configuration, the system can be tested
at high rated power levels with the supply only covering
the comparably low losses of the system [18]. Moreover,
as shown in Fig. 1(d) and (e), several 1:1-DCX converters
can be combined to scale the overall voltage or power
rating, depending on the application. Note that the input-
series, output-parallel (ISOP) configuration would require
a higher isolation voltage rating between the transformer’s
primary and secondary windings. Using an input-parallel,
output-parallel (IPOP) configuration of six 166 kW-1:1-DCX
converters, a | MW system could be realized.

Fig. 2 shows the SRC topology of the 1:1-DCX converter
and exemplary key waveforms. The two series resonant ca-
pacitors, C1 and Co, are chosen such that they compensate
the corresponding ACT stray inductances, L, and L2, at
the operating frequency, which thus equals the resonant fre-
quency, i.e., fs = fo =1/(27V/C1 L1 = 1/(27/CraLg2).
This enables a tight coupling of the two DC bus voltages
without the need of closed-loop control [6]. Considering
the selected DC bus voltage of 7kV, available 10kV SiC
MOSFETsS can be employed with sufficient margin regarding
the blocking voltage utilization. The realization with one
half-bridge and one capacitive voltage divider per bridge
requires only half the number of switches compared to a
full-bridge [30]. Advantageously, the SRC converter features
zero-voltage switching (ZVS) over the full load range, which
is supported by the magnetizing current that appears in the
primary- and secondary-side half bridges [22], and well-
defined voltages across the switches.

In this context, this paper first covers generic realization
options and coil arrangements for ACTs in Section II.
Section III then provides an in-depth discussion of the mod-
eling and the multi-objective optimization of the 166 kW /
7kV ACT. Section IV covers the actual hardware design
of the optimized ACT, including details related to the
isolation system and the conductive shielding that limits
magnetic stray fields in the ACT’s surroundings. Further-
more, we conduct a thorough experimental analysis of the
full-scale ACT prototype in Section V. This includes small-
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signal measurements, large-signal waveforms, calorimetric
loss measurements, and measurements of magnetic flux
densities in the vicinity of the ACT to assess the efficacy
of the shielding. Section VI, finally, discusses the efficiency
characteristics of the ACT and the complete 1:1-DCX. The
realized ACT prototype achieves a measured efficiency of
99.5 % for output power levels between 25 kW and 166 kW,
and a gravimetric power density of 16.5kW /kg. With the
use of 10kV SiC MOSFETSs, the complete 1:1-DCX can
attain an efficiency of 99 % at rated output power.

II. BASIC AIR-CORE TRANSFORMER CONFIGURATIONS

An ACT consists of at least one primary-side and one
secondary-side coil, which can be arranged in various con-
figurations. This section provides a brief survey and an
initial, qualitative comparison of such realization options
to identify the most suitable one for further optimization
and design considerations. In addition, we introduce the
two basic options (i.e., employing magnetic or conductive
materials) to provide shielding against excessive magnetic
stray fields.

A. Coil Arrangements

A first promising arrangement for the realization of an
ACT uses planar coils as are typical for IPT/WPT sys-
tems [31], cf. Fig. 3(a). Various lateral coil shapes have
been employed, e.g., spiral [19], rectangular [19], [32] or
double-D [18], [33], [34]. Planar coils are advantageous
because they facilitate straightforward solutions for thermal
management and insulation. High-power IPT systems typ-
ically achieve high efficiencies by adding magnetic cores
to guide the magnetic fields (mainly on the non-mating
sides of the coils), which increases the coupling and si-
multaneously contributes to the shielding of the magnetic
stray flux [18], [31], [34]. The mass of the magnetic cores
limits the achievable gravimetric power density, which is
an important aspect regarding airborne applications and,
more generally, handling considerations. Literature on high-
power air-core IPT systems, i.e., planar coil arrangements
without any magnetic material, is very scarce; however, a
corresponding 40 kW system recently reported in [32] is
characterized by a relatively low overall DC-DC efficiency
of around 90 %. Even though for stationary applications such
arrangements of planar coils can be expected to achieve
higher coupling than typical, mobility-oriented IPT/WPT
systems (e.g., because a shorter air gap between the coils

Planar coils Coaxial wound cable  Cylindrical solenoids

Primary

Primary winding Primary
winding © coils [\
| ——
Secondary
winding Secondary winding Secondary

coils

(@ (b) (©)

Fig. 3. Considered coil arrangements for the ACT realization:
(a) (spiral) planar coils; (b) coaxially wound cable in a solenoid
arrangement; (c) cylindrical solenoids.
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may be feasible) and hence higher efficiency, the absence
of cores would require other means for shielding of the
magnetic stray flux. Most important, however, the bounding-
box geometry of planar IPT coil arrangements has essentially
only two degrees of freedom as they are necessarily flat,
i.e., the lateral dimensions become larger with increasing
power transfer capability. The possible aspect ratios are thus
constrained and may not be suitable for some of the various
potential ACT applications discussed in the previous section.

Regarding MCTs with unity turns ratio and high isolation
voltage requirements, windings made of a coaxial MV cable
wound onto a magnetic core have been proposed [35]-
[37]. Advantageously, this arrangement contains the leakage
flux within the inter-winding space, i.e., between the core
(primary-side winding) and the metallic shield (secondary-
side winding) of the coaxial cable, which inherently provides
galvanic isolation, too. The cooling of the inner winding,
on the other hand, is not straightforward, and requires a
comparably complex liquid- or forced-air cooling system.
Furthermore, an ACT in this configuration (cf. Fig. 3(b))
would require long multi-turn coils [38] to achieve a suf-
ficiently high magnetizing inductance. This complicates the
manufacturing and cooling of the windings and a relatively
low coupling must be expected even for a multi-turn coaxial-
cable ACT; therefore we do not pursue this option further.

In [13] we proposed an ACT configuration consisting of
a pair of coaxial solenoids, cf. Fig. 3(c), i.e., essentially a
winding configuration similar to that of a core-type MCT,
but without a magnetic core (and adapted dimensions).
This coil arrangement achieves relatively high coupling for
the considered insulation voltages, features low-complexity
construction and isolation (air), as well as simplified ther-
mal management, as large surfaces are available for direct
(forced) air cooling. Because of these favorable character-
istics, we consider this coil arrangement for the subsequent
optimization and design of a high-power MV MF ACT. Note
that the magnetic stray flux in the proximity of the ACT
must be limited, which requires some sort of shielding (see
Section II-C below). First, however, we discuss different
possibilities for interconnecting the arrangement’s four coils
shown in Fig. 3(c) to form a four-terminal (i.e., two primary-
side and two secondary-side terminals) transformer.

B. Coil Interconnections

Considering the interconnections of the four coils, the
straightforward approach would be to use two identical sets
of two coaxially arranged coils, e.g., with the inner coils
being connected in series to form the primary winding and
the two outer coils connected likewise to form the secondary
winding. Fig. 4(a) shows a 2-D finite-element method (FEM)
simulation of the magnetic field for this case as well as
extracted self inductances of the primary-side winding, Ly,
and of the secondary-side winding, L, which are asymmetric
(essentially because the diameters of both primary-side coils
are larger than those of the two secondary-side coils).

Inverting the winding direction of the coils in one set
achieves partial cancellation of the magnetic stray flux, as
shown in Fig. 4(b). However, whereas the coupling increases
slightly, L, and L¢ remain similarly asymmetric as before.
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(a)

Asymmetrical w/o flux cancellation

(b)

Asymmetrical w/ flux cancellation
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Fig. 4. FEM-simulated flux densities within the cut plane defined in Fig. 5: (a) coil interconnections with asymmetrical L, (coils 2A
with 2B) and L, (coils 1A with 1B) without magnetic stray flux cancellation; (b) asymmetrical connections of the two sets of coils with
partial cancellation of magnetic stray flux (note the inverted sense of winding of the coils on the left); (¢) proposed coil interconnections
with partial cancellation of magnetic stray flux and symmetrical self inductances L, and L (note that the primary-side and the secondary-
side winding each comprise one outer and one inner coil). In the simulations, nominal primary- and secondary-side currents, i, and i

respectively, are used.

Thus, Fig. 4(c) shows a symmetric interconnection of the
coils, where the primary- and the secondary-side windings
consist of one outer and one inner coil each, i.e., the series
connection of coil 1A and coil 2B forms the primary-side
winding, and the series connection of coil 1B and coil
2A forms the secondary-side winding (see Fig. 5 for the
definitions of the coil identifiers). Furthermore, the winding
directions are such that again partial stray flux cancellation
is achieved, i.e., the magnetic flux density averaged over
the points indicated in the figure is about 25 % lower for
the symmetrical case when compared to the asymmetrical
interconnection without flux cancellation from Fig. 4(a),
however, 5 % higher than for the asymmetrical configuration
with flux cancellation from Fig. 4(b). Nonetheless, the
benefits of symmetrical self inductances on the system level
are significant: as the 1:1-DCX is then symmetric, too, it can
operate with identical series resonant capacitance values on
both sides of the transformer, which facilitates construction

Equiv. circuit induc.:

) Lp = LlA + LZB

L Coil 2B Li=ILp+Lis
) Loy =Ly-Lin
3 Lch = Ls'Lm

Lcl LGZ

P .. S1
Ly
| = Coil 1B P S
: 1:1
Coil 1A
pi° (@ (b)

Fig. 5. (a) CAD rendering showing the selected coil arrangement
with coil interconnections according to Fig. 4(c): the series con-
nection of Lja and Log forms the primary-side self inductance,
L, and the same applies for the secondary side. (b) Lossless linear
equivalent circuit of the ACT. Overall, the primary- and secondary-
side windings are symmetrical, thanks to the implemented intercon-
nections between the coil sets A & B.

using standardized building blocks, e.g., resonant capacitor
banks.

Thus, we consider two coaxially-arranged, cylindrical
primary- and secondary-side windings and the symmetrical
coil interconnection approach for the further analysis of the
MV/MF ACT, see Fig. 5, which also shows the correspond-
ing lossless linear equivalent circuit. Since the primary- and
secondary-side self inductances are symmetric, i.e., Ly = L,
so are the two leakage inductances, i.e., Ly1 ~ L,o.

Note that a turns ratio of n = 2 : 1 could be realized by
simply connecting the two coils of the secondary winding in
parallel, i.e., employing an ISOP configuration of the trans-
former windings. To ensure equal current sharing among
the two parallel-connected secondary-side coils, they must
be geometrically identical, i.e., a configuration according to
Fig. 4(b) must be used. However, a further evaluation of
such a configuration is beyond the scope of this paper.

C. Shielding Configurations

As mentioned above, shielding must be provided to
limit the values of the magnetic stray flux densities in the
proximity of the ACT, whereby magnetic or conductive
shielding materials can be considered. Shielding concepts
that employ flux-guiding magnetic materials such as ferrite
increase the weight of the system significantly [13], which
is a consequence of the high density of the material and of
the required material thickness to avoid saturation.

Alternatively, conductive shielding materials, e.g., copper
or aluminum, can be considered [18]. The shielding effect
is then achieved through a compensating field produced by
eddy currents that are induced in the conductive material.
As quite thin (e.g., 0.5mm) aluminum sheet metal pro-
vides sufficiently low resistances for these eddy currents
to circulate without generating excessive losses, we only
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consider this approach to realize a lightweight and cost-
effective shielding.

III. MODELING AND OPTIMIZATION

The selected arrangement and interconnection scheme of
the coils define the general geometry of the ACT, see Fig. S.
However, the actual dimensions (e.g., coil diameters, width
and length of the windings), the number of turns, and the
operating frequency are free parameters. In the following, we
introduce detailed 2-D and 3-D FEM models of the ACT that
enable a multi-objective Pareto optimization. The optimal set
of parameters can then be selected by taking into account
the performance of the overall 1:1-DCX as well.

A. 2-D and 3-D FEM Modeling of the ACT

For a given geometry, 2-D and 3-D FEM simulations of
the electromagnetic fields are used to parametrize the ACT
equivalent circuit from Fig. 5(b), without considering the
conductive shielding. Three different levels of detail have
been considered in the course of this analysis and Fig. 6 il-
lustrates the corresponding models. The first model, depicted
in Fig. 6(a), is based on 2-D FEM simulations of one of the
two coil sets A or B. The component values needed for the
equivalent model of the entire ACT, see Fig. 5(b), are then
determined from the individual values computed for the two
coils in the considered set. The second model (3-D simple,
Fig. 6(b)) uses 3-D FEM and approximates each coil with a
solid hollow cylinder. Finally, the third model (3-D detailed,
Fig. 6(c)) considers each turn of the coils individually with
a circular cross section and thus achieves highest accuracy.
The FEM simulations utilize all available symmetry planes
to reduce the computational effort, however, in case of 3-D
FEM, only quarter symmetries exist, due to the coil sets’
interconnections described above and shown in Fig. 5(c).

Tab. IT shows a comparison of the accuracies (with
respect to the 3-D FEM detailed simulation) and the required
computing demands of the presented methods. For the
benchmarking, we use a mid-range laptop (Intel Core i7-
76000 with 20GB RAM). The approach with 2-D FEM
is best suited for the optimization runs, since it features
lowest computational demands and sufficient accuracy (the
deviations are in the range of 5 %, since the approach slightly
underestimates the coupling factor due to the independent

2-D FEM simple

3-D FEM simple 3-D FEM detailed

rotational sym.
—
——
-
v 3
&5

odd sym.

N
=1
odd sym.

‘/2\A \ %z
€)) (b)

Fig. 6. (a) 2-D FEM model for one set of the coils and a simplified
winding geometry (rectangular winding cross section). (b) 3-D
FEM model with a simplified winding geometry and two sets
of coils, (¢) 3-D FEM model with a detailed winding geometry
(individual turns with circular cross sections). The shown symmetry
planes reduce the complexities of the models.
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TABLE II. Comparison of selected results obtained with different
modeling methods: 2-D FEM, 3-D FEM simple and 3-D FEM
detailed. Self inductances, coupling factors, and winding losses are
normalized to that obtained with 3-D FEM detailed.

. Sim. 3-D Sim. 3-D

Param. Sim. 2-D simple detailed
Lps (%) 94.9 98.7 100.0
k (%) 98.6 101.4 100.0
Losses (%) 103.4 97.1 100.0
Comp. time (s) 3 34 776

consideration of the two coil sets). Moreover, the simple 3-D
FEM simulation provides a very good matching (deviation
below 3 %) and is thus used to verify the finally selected
design of the ACT.

B. 3-D FEM Modeling of the Conductive Shielding

The losses in the conductive shielding are computed with
3-D FEM simulations. The model considers aluminum sheets
forming a fully closed box around the ACT. The 3-D model
takes a third symmetry plane between the coil sets into
account to reduce the computational effort. This implies that
the model considers the series connections of the coils 2A
and 2B on the primary side and of coils 1A and 1B on
the secondary side, i.e., there is no cancellation effect of
magnetic stray fluxes (see Fig. 4(a)). Accordingly, this is a
conservative approach that computes increased losses in the
shielding (compared to the real setup).

Adding the considered conductive shielding enclosure has
minimal effect on the losses in the windings and on the cou-
pling between the primary- and the secondary-side winding
(deviation below 1.5 %), i.e., the design of the conductive
shielding can be decoupled from the design of the ACT’s
active part. Therefore, we do not include the modeling of
the shielding in the multi-objective optimization; instead,
the conductive shielding can be designed afterwards, which
opens the possibility for advanced designs that do not require
a full enclosure, thus reducing material usage and improving
accessibility. Section IV-C describes these considerations in
detail.

C. Multi-Objective Optimization of the ACT

The multi-objective optimization of the ACT maps the
design space given in Tab. III to a n-7y-p-performance
space (efficiency, gravimetric power density, and volumetric
power density). Note that the minimum distance between
the primary- and the secondary-side windings is fixed to
Wiso = 16.5mm, which follows from the rated isolation
voltage of V; = 10kV and a (conservative, to account for
inhomogeneous field distributions, humidity, etc.) maximum
permissible electric field of 0.6kV/mm in air. Note that
Section IV-A discusses the realization of extended clearance
and creepage distances in the actual prototype according to
standards by means of added isolation barriers. This, again,
can be decoupled from the optimization of the ACT’s active
part.

During the optimization, which follows [13], a sweep
over the following geometrical parameters is carried out,
cf. Fig. 6(a):
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TABLE III. Design space and constant parameters for the 2-D
FEM-based optimization.

Var.  Min. Max. # Pts.  Description
fs 20 kHz 200 kHz 15 operating frequency
N 1 200 200 number of turns
i 35 mm 105 mm 15 internal radius
w) 5 mm 60 mm 15 width of outer coil
wa 5 mm 60 mm 15 width of inner coil
l 60 mm 700 mm 18 length of coil

Constant parameters

Wiso 16.5 mm isolation distance

diitz 71 um litz strand diameter

ki, 39.5% toFal ‘ﬁll factor of the
windings

Fioss 30% loss penalty due to

imperfect twisting

o internal diameter of the inner coil (r;),
o widths of outer and inner coils (w 7),
o length of coil (1).

For each geometry (60750 in total), the inductances and the
coupling are extracted using the 2-D FEM model. Then,
considering each geometry, the number of turns (/N) and
the operating frequency are varied (f;), and for each of these
designs, a model of the entire 1:1-DCX is evaluated to obtain
the winding currents, whereby appropriate resonant capacitor
values to compensate the calculated leakage inductances
must be considered, i.e.,

o Co— 1
(27rfs)2Lcl ’ e (27Tfs)2L62’

which is in contrast to typical IPT systems, where the
respective self inductances are compensated because of the
variation of the coupling in case of misalignment [39].
With the winding current waveforms known, the calculation
of the ACT losses takes high-frequency effects in the litz
wire according to [40], [41] into account, whereby the
dimensions of the litz wire for a given design follow from
the width of the windings, the number of turns, and the
(fixed) strand diameter (djt, = 71um and filling factor,
kiit, = 39.5%). Moreover, the calculated losses are in-
creased by 30% (loss penalty factor kj.ss) to account for
additional losses due to imperfect twisting of litz wires,
based on [41], [42]. Transformer designs that exceed a
current density of Jyax = 20 A/mm? or a surface-related
loss density of pymax = 0.25 W/cm? are discarded in order
to exclude thermally unfeasible designs. The optimization
does not consider the weights and volumes of fans, cable
terminations, and, as discussed above, the shielding.

Figs. 7(a), (b) show the results of the multi-objective
optimization of the ACT. The maximum achievable values
of the ACT’s efficiency (7)), the gravimetric power den-
sity (), and the volumetric power density (p) increase if
the operating frequency increases. However, a separately
conducted overall optimization of the 1:1-DCX, which in-
cludes the losses of the SiC MOSFETsS, cf. [13], reveals
a strong impact of the semiconductor switching losses at
high operating frequencies (as experimentally shown in [43],
the considered 10kV SiC MOSFETS show clearly non-

Cn = 6]
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Fig. 7. Results of the multi-objective optimization of the 166 kW
/ 7kV transformer, revealing the characteristic dependencies of
the n-v- and n-p-Pareto fronts on the operating frequency. The
markers highlight the results obtained for the selected design
(fs = 77.4kHz): @ refers to the result obtained with 2-D FEM; ¥
and O represent measured characteristics of the realized prototype
with and without the weights and volumes of fans and aluminum
conductive shielding, respectively. (a) Results for gravimetric
power density, -, versus efficiency; (b) results for volumetric power
density, p, versus efficiency. Note that Section V-H provides a
detailed comparison of the highlighted design and prototype results.

negligible soft-switching losses). According to the obtained
results, the operating frequency must remain below 100 kHz
to achieve a system-level efficiency higher than 99.0 %.
This constraint together with the availability of only discrete
capacitance values of high-power resonant capacitors led us
to the selection of a design with an operating frequency of
fs = 77.4kHz, which is highlighted with @ in Fig. 7.

In addition to the operating frequency, the selected design
defines the geometry of the ACT’s active part as well as the
number of turns and the dimensions of the litz wire. These
values are summarized in the first two sections of Tab. V.
The following Section IV discusses the actual hardware
realization of this ACT design in detail.

Note that Fig. 7 already shows the actually built proto-
type’s locations in the performance space for comparison
purposes. However, please refer to Section V-H for a de-
tailed comparison between model-based optimization results
and measured characteristics of the hardware prototype.

IV. DESIGN AND CONSTRUCTION

With the geometry of the ACT’s active part identified
from the Pareto optimization described in the previous
section, certain additional considerations impact the actual
mechanical design of the protoype, i.e., the isolation coordi-
nation, cooling and airflow, and the practical realization of
a suitable conductive shielding. Regarding the overall me-
chanical arrangement, Fig. 8(a) shows how the single-layer
winding of each coil is placed on an individual 3D-printed
polycarbonate coil former to facilitate the manufacturing.

A. Isolation Coordination

For the optimization, a fixed isolation distance (wis, =
16.5mm) between the primary- and the secondary-side
windings has been considered, which ensures safe electri-
cal fields in the air gap between the coils. However, by
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Fig. 8. (a) Simplified view of the transformer 3-D model showing windings, terminations, coil formers, insulation barriers, and fans.
(b) Cut view of the transformer including the flow directions of the currents in the windings, the locations of the temperature sensors,
and the direction of the airflow. (¢) Magnified partial view of the outline of the cross section of the employed insulation concept: required
clearance and creepage distances are obtained by placing NOMEX cylinders between coaxial coils and a plate between two sets of coils.

blocking this direct air gap by placing a cylindrical barrier
of insulation material (see Fig. 8), the effective clearance
and creepage distances can be tailored to meet requirements
defined in corresponding standards.

We consider a rated DC isolation voltage of V; = 10kV,
i.e., with some reserves over the strict functional requirement
of the 7kV DC bus voltage, and design clearance and
creepage distances according to IEC 62477 [44], [45]. The
minimum required clearance distance for overvoltage cate-
gory III (OV-1II), which demands an impulse withstand volt-
age of 37kV, thus becomes 55 mm. Similarly, the minimum
required creepage distance, considering pollution degree 2
(PD2) and isolation material group II, is 71 mm.

In order to realize these clearance and creepage distances,
cylindrical barrier elements made of NOMEX pressboards
with a thickness of 1.5 mm are placed between the primary-
and secondary-side coils and a rectangular NOMEX plate
(thickness of 1.5 mm) is used between the two sets of coils,
cf. Fig. 8(c). Both, clearance (66 mm, i.e., corresponding to
an impulse withstand voltage of about 43kV) and creepage
(79 mm) could be made longer than the minimum values
without compromising other aspects of the mechanical de-
sign.

Note that for high-altitude applications (higher than 2 km
above sea level), longer clearance distances are requested
by the standard because of the lower air pressure. E.g.,
the Al category for airborne equipment according to the
DO160 G standard requires operation in environmentally
protected (pressurized) zones up to an altitude of 4.6 km
(15,000 fts), which would require an increase of the clear-
ance distances by a factor of 1.4 according to IEC 62477. In
contrast to typical MCTs, the clearance (and creepage) dis-
tances of the proposed ACT can be easily extended to meet

such requirements by increasing the length of the NOMEX
barrier elements. This is supported by the conservative
dimensioning of the maximum electric field between the
primary-side and secondary-side coils (see Section III-C).

For the peak voltage applied to a winding of the trans-
former, which is the difference of the voltage applied by a
half-bridge (v}, ) and the voltage of the corresponding reso-
nant capacitor (vcr1,cr2), the maximum voltage between two
adjacent turns of a coil is only about 5.4kV /44 ~ 123V,
which is well below the capability of the litz wire’s insu-
lation, i.e., a double layer of polyamide. The ends of the
coils are soldered to copper block terminations which are
edgeless (i.e., feature rounded edges) to prevent excessive
local electric fields in the surrounding air.

B. Cooling and Airflow

To improve the thermal design of the windings, the walls
of the coil formers are perforated (similar to a squirrel cage
rotor), in order to increase the winding’s surface that is
directly exposed to the airflow (see Fig. 8(b)). The fans
are placed below the transformer. Thus, the airflows due
to forced cooling and natural convection have the same
direction, which opens the possibility of passive cooling at
light load.

C. Optimized Conductive Shielding

As discussed earlier, the presence of a conductive shield-
ing enclosure does not affect the ACT’s coupling or winding
losses. Therefore, the shielding can be designed in a second
step, whereby the mass (and hence the volume) of the
enclosure is minimzed conditional on sufficient distance
from the coils and the required interconnections, considering
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Fig. 9. Simplified 3-D CAD model of the transformer, showing
windings, coil formers, terminations, and conductive aluminum
shielding featuring a honeycomb pattern of holes: (a) top view,
(b) side view. Projections are in scale and main mechanical
dimensions are shown.

TABLE 1IV. Specifications of the conductive aluminum shielding.

Dimensions of shielding

dx 60.5 mm distance from coils in z-axis
dy 60.5 mm distance from coils in y-axis
d, 126.0 mm distance from coils in z-axis
Sx 601 mm width of shielding

Sy 353 mm depth of shielding

Sz 80mm height of shielding

tsn 0.5 mm thickness of shielding

clearance/creepage distances, and low losses (< 10 % of the
total losses). This is an iterative process aided by the 3-D
FEM simulations described in Section III-B.

However, whereas the FEM-based design considers a
fully closed box, this would limit the accessibility of the
coils. Thus, to facilitate access to the windings and simplify
experimental testing, we realize a partial shielding, which
is composed of a bottom part and a top part only (i.e., the
walls on the sides are omitted), instead of a full enclosure.
Fig. 9 shows one part of the designed shielding and Tab. IV
lists the corresponding dimensions. FEM simulations shown
in Fig. 10 reveal that the top and bottom of the ACT
are critical regarding external stray fields (see Fig. 10(a)),
and that the selected partial shielding provides the required
shielding efficacy in these locations (see Fig. 10(b)). In
addition, Fig. 10(c) indicates that a full enclosure further
improves the shielding effect. Therefore, measuring the
external stray fields of a prototype with partial shielding
(see Section V-G) is a conservative approach, which further
confirms its suitability for testing purposes. Also, the partial
shielding configuration is conservative with regard to losses,
since it overestimates the total losses in the shielding by
a factor of 1.8 compared to a complete enclosure. The
increased losses in the partial shielding can be explained
by a crowding of the eddy currents close to the edges (i.e.,
especially on the sides where the partial shielding ends, and
where a full enclosure would provide additional area for the
eddy currents to flow), thus leading to areas with a high
local current density and hence losses.

Furthermore, a full enclosure made of solid sheet-metal
would complicate forced-air cooling. Thus, we perforate the
shield in a honeycomb pattern (cf. Fig. 9), achieving also a
decrease of the weight of the shielding by 30 %. With this,
the shielding efficacy remains sufficiently high, however, the
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0.0034

0.0011
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Fig. 10. FEM-simulated flux densities with nominal primary- and
secondary-side currents (cf. cut plane defined in Fig. 5): (a) ACT
without shielding; (b) partial shielding as employed in the prototype
to facilitate access to the windings; (c) full enclosure. The shielding
is modeled without honeycomb pattern. Note the logarithmic color
scale.

losses in the shielding increase by 29 % (compared to non-
perforated shielding); essentially because similar shielding
efficacy implies similar circulating eddy currents, which
generate higher losses because of the reduced cross-sectional
area.

D. Resulting Prototype

Fig. 11 depicts the realized MV/MF ACT of the 1:1-DCX
and Tab. V summarizes its dimensions and key design
parameters. Acrylic glass plates with slots are inserted from
the top and the bottom of the coils (along the z-axis,
cf. Fig. 11(a)), to fix the positions of all components, in-
cluding the fans and the partial top- and bottom-side shield-
ing. In the following section we describe the experimental
methodology and provide detailed measurement results to
characterize the prototype’s performance.

V. EXPERIMENTAL SETUP AND RESULTS

This section summarizes the experimental characteriza-
tion of the ACT prototype shown in Fig. 11, including a
variety of measurements, e.g., small-signal impedance mea-
surements, large-signal tests, loss measurements, transient
thermal responses, magnetic stray flux densities (without
and with shielding), and insulation tests. The results provide
further validation of the employed models described in
Section III.

As a preliminary remark, note that several measurement
approaches make use of an important property of an ACT: its
linearity. As there is no core material, there are no saturation
phenomena, i.e., the ACT’s key properties such as coupling,
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Fig. 11. Photo of the realized 166 kW /7kV air-core transformer
(ACT): (a) without shielding, (b) with aluminum conductive shield-
ing.

inductances, and AC resistances do not directly depend on
current and voltages (not considering thermal effects).

Note that the ACT is placed on a wooden table (i.e.,
without metal legs) and the used measurement equipment
(i.e., its active parts) is placed at sufficient distance (> 1 m)
to prevent interactions of the ACT’s fields with nearby metal
parts.

A. Impedance Measurements

To validate the computed values of Ly and Ly, from
the equivalent circuit of Fig. 5, the short-circuit and open-
circuit impedances are measured with an Agilent 4924A
precision impedance analyzer from the primary and from the
secondary side (without the shielding present). Moreover,
the common-mode (CM) impedance across the galvanic
insulation is measured between the shorted primary-side
winding and the shorted secondary-side winding. Fig. 12
shows the obtained results and Tab. VI compares the
simulated and the measured values of the equivalent circuit
parameters (at a frequency of 77.4kHz). All deviations
between measurements and simulations are below 16 %.
The CM capacitance is relatively low and equal to 102 pF.
Furthermore, all resonance frequencies are much higher than
the operating frequency and are found to be uncritical with
regard to the operation of the 1:1-DCX [46].
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TABLE V. Key characteristics of the realized 166 kW /7kV air-
core transformer (ACT) prototype and the resonant capacitor bank.

Air-Core Transformer

Ti 90 mm internal radius, cf. Fig. 6(a)
w1 4.5mm width of outer winding
wWa 4.5mm width of inner winding
l 98.6 mm length of coil
Winding
N 2 x 22 number of turns (single layer)
. 5x 10 x 40 strands in 3 bundle levels
Ll_tZ (total of 2000 strands)
wire double lz.a.yer outer insulation of litz wire
polyamide
diitz 71 pm single strand diameter
Ntz 2000 number of strands
Jiitz 7.2 A/mm? current density

Equivalent circuit parameters
primary / secondary leakage

Lot 51.8 uH inductance
L 162.6 uH magnetizing inductance
n 1:1 transformer turns ratio
k 0.76 coupling factor
Is 56.6 A primary / secondary
transformer rms current
I 40.0 A magnetizing rms current
Isolation
Vi 10kV DC isolation voltage
delear 66 mm clearance distance
dereep 79 mm creepage distance

Resonant capacitor bank
fs 77.4kHz

Cri2 81.6nF

operating frequency
input / output side resonance
capacitance

B. Large-Signal Tests

Large-signal tests of the ACT could be conducted in
the course of an experimental test of the entire 1:1-DCX,
cf. Fig. 2(a), which, however, requires two fully operational
MV/MF half-bridges. Each of the half-bridges needs to pro-
cess the rated power of 166 kW and allow for operation with
fs = 77.4kHz. To circumvent the costs and uncertainties
related to the realization and operation of such 10kV half-
bridge converters, an alternative approach is pursued in this
paper. Since the currents in the ACT of the 1:1-DCX are
quasi-sinusoidal (cf. Fig. 2b), the ACT can be operated in a
series resonant circuit that is supplied by a power amplifier,
instead. This effectively emulates power operation. Note that
since the ACT is not subject to core losses and is a linear
device, large-signal validation can be done with scaled volt-
ages/currents, i.e., operation at rated current is not necessary.

TABLE VI. Small-signal parameters of the ACT (without shield-
ing, determined at f = 77.4 kHz).

Param. Sim. 2-D Sim. 3-D Meas. Dev. 2-D \ 3-D
L,  2045uH 2142pH 2144pH 46% \ 0.1%
Lm 1444 uH 1559uH 1626 uH 112% \ 4.2%
Lots  60.1pH 584uH 51.8puH 160% \ 12.6%
k 0.706 0.728 0.758 7.4% \ 3.8%
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Fig. 12. Measured frequency characteristics of selected impedances of the transformer (without shielding): (a) primary-side impedance for
open secondary-side winding; (b) primary-side impedance in case of a secondary-side short-circuit; (¢) CM impedance between shorted
primary-side and shorted secondary-side windings. The impedance values corresponding to the operating frequency (77.4 kHz) are marked
with a black dot (operating point, OP). Additionally, different resonance frequencies are labeled.
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Fig. 13. Input devices and output configurations of the differ-
ent measurement circuits. (I) DC source for thermal calibration,
(@ impedance analyzer with series resonant capacitor for small-
signal measurements of AC resistances, (3) power amplifier with
series resonant capacitor for large-signal measurements. Depending
on the measurement, either an open-circuit @ or a short-circuit 5
is realized at the secondary side. The last configuration, with a
secondary-side DC source (), is used for the thermal calibration
only.

Fig. 13 gives an overview of the different input and output
configurations used to assess the ACT. With regard to the
large-signal test at scaled current, the input configuration (3)
is used, i.e., an AE Techron 7224 power amplifier with a
capacitor connected in series. This resonant capacitor C;
is realized as a high-power polypropylene capacitor bank
(CELEM CSP120/200) and the series resonance frequency is
set to approx. fs. The transformer currents are measured with
a Pearson 110A current probe and a LeCroy HDO4054A
12-bit oscilloscope. The current measurement is subject to
a total uncertainty of +2% / — 1 %.

Fig. 14(a) shows the result of the test with a secondary-
side short-circuit (output configuration (3)), which reveals
a secondary-side rms current of 14.6 A for a primary-side
rms current of 19.6 A. This result agrees well with the
expected secondary-side current of 14.8 A (for & = 0.76
as obtained from the impedance analyzer measurements
described above, cf. Tab. VI).

The same setup can be used to assess the self inductance
of the ACT; in this case, the secondary-side winding is
left open (output configuration @)). Fig. 14(b) presents the
measurement results, with a primary-side rms voltage of
2.04kV, a primary-side rms current of 19.9 A, and a phase
shift of 90°. This corresponds to a self inductance of 209 pH,
which corroborates the impedance analyzer measurement,
see Tab. VL.

The close agreement of the coupling and inductances
values measured with an impedance analyzer (i.e., small-
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Fig. 14. Voltage and current waveforms measured in the course
of the large-signal tests that utilize series resonant operation.
(a) Secondary-side short-circuit (rms values): primary-side current
is 19.6 A, primary-side voltage is 0.93kV, secondary-side current
is 14.6 A, and resonance frequency is 75.3 kHz. (b) Secondary-side
open-circuit (rms values): primary-side current is 19.9 A, primary-
side voltage is 2.04kV, and resonance frequency is 78.0 kHz.

signal) and with a power-amplifier-based setup (i.e., large-
signal) confirms that the ACT is a linear system.

C. AC Resistances of the Windings

The measurement of the coils’ AC resistances is a chal-
lenging task, due to their high quality factors (¢) > 1000 ),
which complicates electrical measurements, and because of
the large volume of the ACT (75dm?) that renders steady-
state calorimetric approaches impractical.

1) Impedance analyzer: However, as the ACT is a lin-
ear system, a direct measurement of the AC resistances
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TABLE VII. Comparison of FEM-simulated AC resistances with
measurement results obtained with an impedance analyzer with a
series resonant compensation, cf. input configuration ) in Fig. 13.
In the short-circuit case, Rac is the sum of borh winding’s AC
resistances, referred to the primary side. Note that the operating
frequencies do not exactly match the nominal value because only
discrete capacitance values are available to realize the series
compensation capacitor.

. Measurement
Param. —Sim. 3-D 0 Shield. w/ Shield.
Open Circuit @ 79.0kHz @ 80.5kHz
Rac 72.4m{2 116.3 mS2 (dev. 60.6 %) | 182.9mS2
Short Circuit @ 79.0kHz @ 79.8kHz
Rac 1143 mS2  172.0mS (dev. 50.5%) | 192.9 mS2

with an impedance analyzer is possible, at least in theory.
Unfortunately, the high reactive component of the coil’s
impedance leads to a very inaccurate measurement of the
resistive component, which renders the result of the di-
rect measurement unusable. In order to avoid its unwanted
impact, the reactance of the tested coil can be compen-
sated at the measurement frequency. For this purpose, a
high quality capacitor with very low losses is connected
in series (input configuration 2) in Fig. 13; MLCC C0G
Knowles High Q capacitors have been used for C;). Still,
the measured primary-side AC resistances for secondary-
side open- and short-circuits are 60.6 % and 50.5 % higher
than the resistances computed with the corresponding 3-D
FEM simulations, respectively, cf. Tab. VII (without consid-
ering a loss-correction factor kjoss, cf. Tab. IIL, to account
for imperfect twisting observed in practical litz wires, see
Sec. V-D below). This indicates a significant impact of the
capacitor’s equivalent series resistance on the total resistance
and limits the measurement method to applications where a
change of the resistance is assessed, e.g., when evaluating
the AC resistances without and with the shielding present to
determine the losses in the shielding, see Section V-G.

2) Transient calorimetric:  Alternatively, a transient
calorimetric method can be used to measure the AC resis-
tance, which is a two-step procedure that relies on measuring
the winding temperatures over time. To do so, two types
of sensors are placed between the first two turns and the
last two turns of the coils at the five positions marked with
Tri2345) in Fig. 8(b). NTC sensors (PS104J2 thermistor)
are used during thermal tests with DC currents; however,
due to the lack of isolation, only one NTC sensor, 77, can
be used during AC tests because of the significantly higher
voltage levels. Thus, fiber optic sensors (FOTEMPMK-19
Modular) are used to measure Ty2345) during AC tests.

Firstly, DC currents are injected into the windings in order
to determine the step responses of all measured temperatures
for given losses in the windings (in the range of 10 W
to 40 W). In this context, one DC source is used if a
secondary-side open-circuit is assessed (input configuration
(D in Fig. 13) and two DC sources if a secondary-side short-
circuit is evaluated (input and output configurations (I) and
©® in Fig. 13, respectively). Fig. 15(a) presents example
step responses of the temperature sensor 7} (cf. Fig. 8(b))
for four different values of power being dissipated in the
primary-side coils. In this measurement, the secondary side
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Fig. 15. Transient calorimetric measurement of the AC resistance—
exemplary illustration of the processing of the measured step
responses of temperature sensor 77 and for a secondary-side open-
circuit of the ACT: (a) initial measurements of the temperature
step responses for defined losses on the primary side, ranging from
10 W to 40 W; (b) linear approximation of the dependency of the
temperature increase, AT| (At = 600s) = T1(At) —T1(0), on the
losses; the slope of this function is computed with a least squares
optimization; (c) final measurement of the step response of 7 for
a primary-side AC rms current of 14 A.

of the ACT has been left open. The obtained step responses
enable the compilation of a loss-vs.-temperature character-
istic for each temperature sensor, which relates the losses to
a measured temperature increase after a defined time, At.
Fig. 15(b) depicts the loss curve that results for the transient
temperature waveforms of Fig. 15(a), i.e., for temperature
sensor 7} and a secondary-side open-circuit, and At = 600 s.

Subsequently to this initial calibration, the ACT is oper-
ated in AC resonance (using a power amplifier and series
compensation capacitor, see Section V-B) with a defined
primary-side current, Ie,. After the time interval At has
elapsed (cf. Fig. 15(c)), the temperature increase measured
by each temperature sensor together with the corresponding
calibration data for that sensor allows to determine the
winding losses (cf. Fig. 15(b)). Finally, the AC resistance
is calculated as Rac = Pueas/ Ifleas. The uncertainties
of the temperature measurements with the high-precision
NTC sensors and the fiber optic sensors are +0.1°C and
+0.2 °C, respectively, which corresponds to loss deviations
of £0.4 W and +0.8 W and resistance deviations of +2m¢2
and +4mS2, respectively (for a measurement current of
14 A). The maximum uncertainty of the current measurement
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is +2%/ — 1%, cf. Section V-B, which corresponds to an
additional uncertainty of the measured Rac of +2 %/ —4 %,
e.g., +2mQ/ — 4mQ for a typical Ppess = 20W and a
measurement current of 14 A (corresponding to an Rac of
about 100 mQ)).

Tab. VIII lists the results of the conducted measurements.
The final AC resistances are calculated by averaging the
values obtained from different temperature sensors and are
listed in Tab. IX together with the results of correspond-
ing FEM simulations. Note that the transient calorimetric
method enables individual measurements of the AC resis-
tances of the primary and of the secondary-side winding
also for a shorted secondary-side winding (in contrast to
the small-signal approach discussed earlier). It can be seen
that the transient calorimetric method allows to measure the
AC resistance more accurately than the small-signal method
(cf. Tab. VII), however the deviations to the simulated
values (25 % to 40 %, without applying the loss-correction
factor kjoss to the FEM results) are still high. A likely reason
for this is imperfect twisting of the litz wire, which is known
to cause increased winding losses [41], [42] and is thus
investigated in the next section.

D. Litz Wire Current Sharing

The current sharing in the bundles of the used litz wire
is analyzed in order to determine whether the measured
increase of the AC resistance above the values expected
from simulations may be caused by imperfect twisting. The

TABLE VIII. Results of the transient calorimetric method for the
measured AC resistances.

AT P I, I Rac,1 Rac

Sensor o0y W) @A) @A) @ (€

Open-circuit

T1 (NTC) 5.0 20.5 104.4 -
T1 (OPT) 53 19.5 140 - 99.5 -
T2 (OPT) 49 20.0 101.9 -

Short-circuit

T1 (NTC) 4.0 17.2 95.4 -
T1 (OPT) 4.3 17.3 95.9 -
T2 (OPT) 4.0 172 134 102 95.0 -
T3 (OPT) 3.5 16.8 93.2 -
T5 (OPT) 2.9 10.2 - 97.5

NTC - PS104J2 thermistor
OPT - fiber optic thermometer FOTEMPMK-19 Modular

TABLE IX. Comparison of FEM-simulated AC resistance values
against the results obtained through transient calorimetric measure-
ments. Note that the operating frequencies do not exactly match
the nominal value because only discrete capacitance values are
available to realize the series compensation capacitor, cf. input
configuration @) in Fig. 13.

Param. Sim. 3-D Meas. Deviation
Open Circuit @ 80kHz / 14.0 A

Rac. 72.4 mS2 101.9mQ  40.8%
Short Circuit @ 75.3kHz / 13.4A

Rac. 69.5m) 954 mS 37.3%
Rac 77.9m  97.5mS) 25.1 %
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Fig. 16. (a) Photo of the litz wire (5 x 10 x 40 strands with
single-strand diameter of 71 um) being prepared for current sharing
measurements. (b) Current sharing in the five top-level bundles; (c)
current sharing in the ten mid-level subbundles of bundle No. 5.
The total current in the litz wire, iy, is 600 mA. For reference,
the peak values of the currents in the bundles of a hypothetical,
perfectly twisted litz wire are shown on top level (Jpundiepr) and
middle level (Isubbundle,PT)-

litz wire used in the transformer consists of 2000 strands
with a single-strand diameter of 71um. It is twisted in
3 levels: top-level (5 bundles), mid-level (10 subbundles)
and strand-level (40 strands), see Fig. 16(a). To examine
the current sharing, a test coil with an inner diameter of
160mm and 31 turns (single layer, total length of 51 cm)
is wound, i.e., the test coil has similar dimensions as one
of the ACT’s coils. Its litz wire has been partially untwisted
to have access to all bundles and, in addition, one of the
subbundles (No. 5) has been untwisted to have access to
all of its strand-level bundles. Figs. 16(b), (c) depict the
measured currents flowing in the individual bundles and
subbundles, respectively, for a total rms current of 0.6 A at a
frequency of 80 kHz. The amplitudes of the currents flowing
in the top-level bundles deviate on average by 23.2 % from
the ideal values in case of symmetric current sharing, and
the phase-shifts are rather small (between -2° and 5 °). In
bundle No. 5, i.e., on the middle level, the amplitudes deviate
on average by 18.4 %, and the phase-shifts are larger, i.e.,
between -18° and 55°. Thus, the current sharing among
bundles, and within a bundle among the subbundles is clearly
not symmetric, confirming a non-ideal twisting scheme of
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the litz wire [42].

To quantitatively assess the impact of this imperfect
twisting on the coil’s AC resistance, the losses in the
investigated test litz wire are compared with losses in a
hypothetical, perfectly twisted one. The analysis is based
on the assumption that the current sharing in the subbundles
of all bundles is the same as measured in bundle No. 5;
this is a valid assumption because all top-level bundles are
of identical internal structure. The corresponding compu-
tation reveals an increase of the AC resistance by 24 %,
which explains the largest part of the deviations between
the AC resistances obtained from (transient-calorimetric)
measurements and FEM simulations (not yet considering
the loss penalty factor kj.ss), cf. Tab. IX. The remaining
deviation may be related to uncertainties of the computed
fields, further imperfections of the litz wires, or resistances
of terminations. Furthermore, this result justifies the value of
the loss penalty factor used in the optimization, kj,ss = 30 %,
which had been selected a priori based on literature and
experience [41], [42].

E. Thermal Tests

To verify the thermal feasibility of the transformer, heat
runs are carried out considering two different operating con-
ditions, i.e., nominal operation with active cooling (4x 12 W,
4414FNH fans) and maximum allowable transformer power
without overheating in case of passive cooling. We emulate
these operating conditions using high DC currents, i.e., we
employ a DC source that injects a current into the series
connection of primary- and secondary-side windings of the
ACT. The current is selected based on the ratio of AC to DC
resistances (Rac/Rpc = 1.48 @ 30 °C) such that the losses
expected for operation with AC currents are generated.

Fig. 17 shows the thermal images of the prototype and
the evolution of measured temperature waveforms during
the heat runs. Note that even though the litz wire features
temperature class V155, the maximum allowable tempera-
ture is Tiax = 130°C due to the thermal stability of the
outer polyamide insulation [47]. During rated operation, the
hotspot reaches 103 °C at an ambient temperature of 25 °C,
cf. Fig. 17(a) and (1) in Fig. 17(b), which leaves a margin of
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AT = 27°C to T, or, alternatively, would allow operation
at ambient temperatures of up to about 50 °C.

Furthermore, the transformer can operate with passive
cooling (e.g., in case the fans would fail) up to approximately
420 W of losses, cf. Fig. 17(c) and Q) in Fig. 17(b). This
corresponds to operation at an output power of 117kW
(70 % rated output power).

Finally, the thermal time constants of the ACT with and
without fans can be extracted from Fig. 17 as 3.2 min and
5.2 min, respectively, which are several times shorter than
for high-power MF MCTs [16], [46].

F. Insulation and Voltage Withstand Tests

To test the insulation of the transformer, first, the DC
isolation resistance between primary and secondary side, i.e.,
common-mode insulation, is measured with an insulation
tester (Megger MIT410, DC test voltage of 1kV). The
measured insulation resistance is greater than 100 G2, which
corresponds to a leakage current of less than 70nA for
a voltage of 7kV. This isolation resistance is more than
a hundred times higher than the specified values [48],
[49]. Additionally, the same insulation has been successfully
tested at higher voltages, with a Schleich GLP2 voltage tester
(for 1 min each): +9.6kV (DC), —9.6kV (DC), and 6.36 kV
(rms) at f = 50 Hz. In summary, those tests indicate that the
realized prototype withstands the rated isolation voltage.

G. Magnetic Fields and Shielding

1) Shielding losses: The losses in the conductive shield-
ing are directly related to the difference of the AC resistances
that are measured with and without shielding. Accordingly,
the small-signal setup described in Section V-A can be used
for this purpose. Tab. VII lists the measurement results and
reveals an increase of the AC resistance by 12% (short-
circuit test, i.e., all coils carry current). This corresponds
to 92 W of losses in the tested conductive shielding, which
covers only the top and bottom parts. Using FEM results
to scale this measurement to a full enclosure (made of alu-
minum sheet metal with a honeycomb pattern of openings)
results in 50 W of expected losses, cf. Section IV-C for an
explanation for these lower losses in case of a full enclosure.

120 120
— T — T
— 71 — 7T
— T — T
~ 95 7, ~ 95 I,
e °
Py 2 /
‘g 70 %
5 o}
=" ="
g 5
=45 — ]
Pioss = 809 W Pioss =418 W
20 Pfan:50.6W Pfan:0W
0 10 20 30 40 20 30 40 50 60 70 80 90 100 110 120 36 48
Time (min) (a) Temperature ("C) (b) Time (min) (c)

Fig. 17. Temperatures measured with four PS104J2 NTC thermistors, 774, placed in the windings (cf. Fig. 8(b)), for (a) a nominal load
step with nominal cooling and (¢) a maximum allowable load step (Fpassive = 0.7+ Px) with passive cooling (derating in case of fan failure).
(b) Corresponding thermal images with labeled hotspots of the ACT during two load step tests: (I) nominal operation, 2) allowable load

with passive cooling.
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Fig. 18. (a) Picture and (b) CAD drawing of the field probe that is used to measure the magnetic flux density. A 3-D-printed polycarbonate
sphere is used to support three coils with 50 turns each. (¢) Picture of the measurement setup used to achieve a precise positioning (£ 1 mm)
of the field probe in x-, y-, z-directions. Additionally, the distances in z-direction, d, = d, {ap}, between the top surface of the shielding
and the plane containing the observation points for the measurements are shown. (d) Top view of the transformer; the points 1 to 11 mark

the locations of the observation points in the xy-plane.

Considering the large surface area of the shield Ay
and a conservative heat transfer coefficient for natural
convection of h. = 5W/m?K, the shield’s temperature
rise follows from a simplified calculation as approximately
Ts =50 W/(he - As) = 13K. In practice, the heat transfer
coefficient would be significantly higher because of the fans
(forced convection). Therefore, it can be concluded that the
heating of the shielding due to the induced eddy currents is
negligible.

Note that the change of the AC resistance for open-
circuit tests (60 %) is larger, because there is no current
in the secondary-side winding that would have a canceling
effect on the magnetic stray flux outside of the ACT, see
Section II-B.

2) Stray fields without shielding: The FEM-based predic-
tions of the magnetic stray flux densities in the vicinity of
the ACT and the efficacy of the shielding are experimentally
verified using a custom-made magnetic field probe. The
implemented field probe measures the induced voltage at
the design frequency of 80 kHz and is constructed similarly
to the probe presented in [50]. For the measurement of
three spatial components of the magnetic flux density vector,
three sensor windings are arranged perpendicularly on a
3-D printed spherical support made from polycarbonate, as
shown in Fig. 18(a); Fig. 18(b) depicts the dimensions of
the spherical support. Each winding consists of 50 turns to
achieve a sensitivity of approx. 0.75mV /uT. The output
signal of the built field probe has been compared to that of a
commercial field probe (MC162 by Magnetic Sciences Inc.),
confirming deviations of less than 3%.! The custom-made
positioning setup depicted in Fig. 18(c) enables a precise
positioning of the field probe in z-, y-, and z-coordinates.
The setup consists of non-conductive materials and uses
profiles for changing the probe’s position in -, y-directions.

IThe MC162 is a single-axis sensor, has a length of 13 cm, and measures
the average of the flux densities along its length. For these reasons, it could
not be used for measuring the ACT’s stray fields.

A threaded fiberglass rod holds the probe and allows for a
change of the position in z-direction.

In a first step, the magnetic flux densities in the prox-
imity of the ACT (without the shielding) are measured
and compared to the results of the 3-D FEM simulations.
The ACT is operated in a series resonant circuit (input
configuration @ from Fig. 13), with a primary-side rms
current of Ipne,s = 10A at a frequency of 80kHz. The
magnetic fields are measured in the following observation
planes:

o xy-planes at d, 53 = {30mm, 200 mm, 500 mm},
cf. Fig. 18(c);

o xz-planes at cuts A, B, and C, cf. Fig. 18(d).

Within cuts A, B, and C, the 11 points marked in Fig. 18(d)
are selected for the measurements. Except for the points 8
to 11, which are not measured for d, = d,. (due to the low
fields, there), all points are measured for dz,{a,b,c}7 which
yields a total of 33 — 4 = 29 measurement points.

Figs. 19(a)—(c) present a comparison of simulated (3-D
FEM) and measured results, considering an open secondary-
side winding. The FEM simulation uses a primary-side
rms current of 1A at a frequency of 80kHz and thus the
measured flux densities, Bpeasn, are normalized to 1 A,
= Bmeas£~ (2)

Bmeas,n Imeas

The average of the absolute value of the relative deviation
between the simulated and the measured results is 15.2 %
for an open secondary-side winding. As expected, the devi-
ation increases to 26.8 % when considering a short-circuited
secondary-side winding (not shown in the figure), which
is a consequence of the deviation between the simulated
and measured magnetic coupling and hence lower-than-
expected secondary-side current for the short-circuit case.
However, the open-circuit measurement, which enables a
clearly defined current in the primary winding, confirms the
high accuracy of the employed 3-D FEM simulation.
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results.
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Fig. 20. Measured rms values of the mag. flux densities at the observation points defined in Fig. 18(d), with and without the shielding:
(a)—(c) secondary-side open-circuit. (d)—(f) secondary-side short-circuit. The measured results are scaled to the nominal current, cf. (3).

Additionally, the levels for the allowable magnetic field exposure of the general public (27 uT) and of personnel in occupational settings
(100 uT) are indicated (ICNIRP 2010, [51]).
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3) Shielding efficacy: In a second step, the measurement
setup is used to determine the efficacy of the shielding
for two different secondary-side configurations, i.e., open-
and short-circuit. The open-circuit case is representative for
no- or low-load operation, where the ACT’s comparably
high magnetizing current dominates (I, = 40 A rms, cf.
Tab. V, due to the ACT’s limited magnetizing inductance).
The short-circuit case corresponds to operation at higher,
close to rated load where the load current becomes dominant.
Figs. 20(a)—(f) depict the results that are measured for an
rms current of ... = 10A and scaled to the nominal
current of I ms = 74.6 A (for I ms = 56.6 A) in case of
a secondary-side short-circuit and Ipms = 30.0 A for open-
circuit (considering a first harmonic component of the nom-
inal primary voltage of Vjms = 4Vipc/(2V27) = 3.2kV),

I rms
= BmeasL- (3)

Imeas

According to Figs. 20(a) and (d), the designed ACT with
shielding fulfills ICNIRP 2010 guidelines [51] for occupa-
tional exposure at a distance of 30 mm from the shielding,
if the spatial average’ of the flux density is considered.
Furthermore, Figs. 20(b) and (e) reveal that the ACT with
shielding fulfills the guidelines for both occupational and
public exposure at a distance of 200 mm from the shielding
when considering the spatial average (even though the local
values at points 8 and 10 exceed the reference level for the
short-circuit case). Lastly, the measurements in a distance
of 500mm, depicted in Figs. 20(c), (f), show that the
guidelines for occupational exposure are met even without
the shielding (spatial average). Lastly, as in practice the
shielding would be realized as a full enclosure, the flux
density in the proximity of the ACT would be even lower
(cf. Fig. 10(c)), and hence the exposure limits would already
be met closer to the shielding. In summary, the shielding
provides an adequate efficacy, especially considering that
an ACT would typically be located in an area with limited
public access, as opposed to IPT systems.

Bmeas,s

H. Comparison of Optimization and Experimental Results

In addition to the specific validation of individual models
discussed throughout the experimental section, e.g., regard-
ing the shielding, the experimental results also enable an
overall comparison of the ACT prototype’s measured char-
acteristics (e.g., losses, power density) with those obtained
from the initial model-based multi-objective optimization
described in Section III-C.

To do so, we highlight the prototype’s location in the
performance space shown in Fig. 7: the marking O cor-
responds to the built prototype when considering the active
part only, i.e., the two sets of coils, corresponding terminal
blocks, and isolation barriers. In contrast, the symbol ¥
represents the full ACT prototype, i.e., including the con-
ductive shielding (full enclosure with honeycomb holes),
the fans, and mechanical supports etc. The marking @
indicates the performance of the selected design according

2The spatial average is calculated / measured by scanning a planar area
equivalent to the area occupied by a standing adult human (projected area).
In most instances, a simple vertical, linear scan of the fields over a height
of 2 meter is sufficient [52].
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to the optimization results, as discussed earlier. Furthermore,
Fig. 21 presents mass, volume and loss breakdowns for the
three cases.

Regarding the gravimetric power density, Fig. 21(a) re-
veals that the mass of the realized active part matches the
optimization results closely (y = 25.7kW/kg, including
a certain offset to account for fans, isolation etc.). However,
the complete prototype’s overall gravimetric power density
is lower (v = 16.5kW /kg), mainly because of the weight
of the structural parts required for the mechanical assembly.
The mass breakdown reveals the great importance of low-
weight realizations of coil formers, supports, fixtures, and
insulation components, as they account for more than 55 %
of the prototype’s total mass. This relatively high share partly
results from prototyping constraints and could be improved
with industrial processes. Note that this is usually not the
case for conventional MCTs where the weight of the core
dominates [46]. Consequently, the gravimetric power density
of MCTs is limited to approx. 10 kW /kg [13].

As shown in Fig. 21(b), the volume of the realized
prototype’s active part is approximately 50 % higher com-
pared to the optimization result, which is a consequence
of the implemented clearance and creepage distances (see
Section IV) that demand longer coil formers and isolation
barriers. The overall volumetric power density of the com-
plete prototype of p = 2.2kW/dm? is determined by the

Prototype w/o
Model shicld. & fans Prototype

(@, cf. Fig. 7) (O, cf. Fig. 7) (. cf. Fig. 7).

12
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Fig. 21. Comparison of ACT modeling with experimentally val-
idated results (See also Fig. 7). Breakdowns of: (a) masses; (b)
box volumes, (¢) losses. The left column represents results of the
model-based optimization; the middle column considers measured
results of the prototype’s active part only; the right column finally
considers the full ACT prototype.
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box-shaped shielding enclosure, which has been designed a
posteriori. Note that smaller enclosures would be possible
if higher losses in the shielding would be accepted. It is
important to point out that the initial analysis presented
in [13] clearly shows that a conventional MCT is the better
choice for achieving high compactness, as an up to 50 %
higher volumetric power density can be achieved. However,
compactness together with stringent requirements related to
insulation and cooling (potting of the windings, handling
of increased thermal resistances) render the design of the
MCT challenging. In contrast, the clearance (and creepage)
distances of the proposed ACT can be easily extended
to meet various insulation requirements by changing the
NOMEX barrier elements (see Section IV-A).

Finally, the loss model used during the optimization
(based on 2-D FEM simulations) proves highly accurate (see
Fig. 21(c)). The loss contributions of the shielding (6 % of
the total losses) and of the fans (6 %, whereby one should
remember that passive cooling is feasible up to about 70 %
of rated power) reduce the prototype’s full-load efficiency
(n = 99.49 %) only slightly.

All in all, the relatively straightforward models employed
for the Pareto optimization capture the key performance
characteristics quite accurately, especially regarding the ex-
pected ACT efficiency and the mass of its active part. The
now established know-how regarding the mechanical assem-
bly and the dimensions of a suitable conductive shielding
could be included in future versions of the optimization
procedure. However, as there are various degrees of freedom
regarding both, the mechanical assembly and the design
of an optimized shielding, which may further depend on
specific application scenarios, a decoupled approach as used
here might still be attractive to retain full design flexibility.

VI. TRANSFORMER OPERATION IN 1:1-DCX

The final section of this paper discusses the overall
performance of the ACT-based 1:1-DCX, with a special
focus on the ACT’s partial-load efficiency.

Since the ACT is a linear system, the previously validated
loss models can be evaluated at reduced power levels to
calculate the losses of the ACT for partial-load operation.
This holds for the losses in the windings and in the con-
ductive shielding (FEM-based calculations). Furthermore,
passive cooling is sufficient up to a about 70 % of the
rated power. Hence, the power consumption of the fans
must be considered only for higher power levels. Fig. 22
shows measured (stars) and simulated (circles) distributions
of the ACT losses and the corresponding efficiency curve.
The partial-load efficiency of the transformer is very high,
ie. n > 99.4% applies for a very wide range of the output
power, i.e., P, € [15%,100%]Py. The ACT achieves this
high partial-load efficiency despite the high magnetizing
current (compared to a conventional MCT) and increased
winding losses, which is possible thanks to the absence of
core losses. Finally, on the system-level, the relatively high
magnetizing current advantageously facilitates ZVS for the
1:1-DCX power semiconductors.

With regard to the overall 1:1-DCX system, the losses of
the semiconductors (conduction and switching losses) and
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Fig. 22. Measured () and simulated (@) distributions of the
transformer losses; efficiencies of transformer and 1:1-DCX. At
the rated power of 166 kW, the transformer efficiency is 99.5 %,
whereas the converter efficiency reaches 99.0 %.

the capacitors (resonant and DC-link) as well as the power
demand of the fans are considered in a simulation as follows:

o SiC MOSFETs: based on previously published data,
e.g., by using experimental data for the switching losses
from [43], [53].

o Resonant and DC-link capacitors: modeled based on
data sheet information, e.g., the specified dissipation
factors are used to determine the losses.

o Converter cooling system: determined based on exper-
imental data from [53].

Fig. 22 shows the calculated overall system-level effi-
ciency of the ACT-based 1:1-DCX. At the rated power of

= 166 kW, the transformer efficiency is 99.5 %, and the
converter efficiency reaches 99.0 %, which it even exceeds
down to about 35 % of the rated power.

VII. CONCLUSION

In this paper the design, realization, and the experimental
evaluation of a 166 kW / 7kV air-core transformer (ACT) as
part of a DC transformer (DCX), i.e., the DC-DC converter
stage of a solid-state transformer (SST) is presented. The
realized full-scale prototype of the MV/MF ACT consists
of two sets of coaxially arranged solenoids, achieving a
relatively high coupling factor of 0.76 . Thanks to this con-
struction, a symmetrical design of primary- and secondary-
side windings results and partial cancellation of magnetic
stray flux is achieved.

The realization of the ACT is of relatively low complexity,
as air can be used as an insulation and cooling medium, i.e.,
the ACT does not require potting material for insulation and
thus the corresponding challenges known for conventional
magnetic-core transformers (MCTs) are avoided, e.g., di-
electric losses, partial discharges, and the need for void-free
potting of the windings. Furthermore, the thermal design
is simplified as large areas of the transformer coils are
available for direct (forced) air cooling. Thus, the ACT can
be operated with a winding current density of more than
7 A/mm?. Also, operation at up to 70 % of the rated power
is feasible with passive cooling (i.e., natural convection)
only, e.g., in case of defective fans. These aspects translate
into comparably simple and hence cost-effective manufactur-
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ing, which is complemented by simplified handling because
of the relatively low mass.

The ACT prototype features a nominal insulation voltage
of 10kV. Clearance and creepage distances according to
IEC 62477 are realized by adding barrier elements made of
NOMEX into the air gaps between primary- and secondary-
side windings. In contrast to MCTs, the clearance and
creepage distances can be increased by simply extending
the length of the barrier elements, i.e., they can be tailored
to meet more stringent requirements, e.g., for airborne
applications, where longer clearance distances must be used
to account for lower air pressure.

To reduce the magnetic stray flux in the proximity of the
transformer, a conductive (aluminum) shielding enclosure
is designed, built, and tested. With the proposed shielding,
the ACT fulfills the ICNIRP 2010 guidelines regarding the
magnetic stray flux levels for public exposure at a distance of
200 mm from the shielding. Adding the shielding enclosure
increases the weight by around 10 %, the overall losses by
6 %, and determines the boxed volume of the transformer,
yielding a volumetric power density of 2.2kW /dm? (com-
pared to 7.8 kW /dm? without the shielding).

The ACT prototype achieves a measured full-load effi-
ciency of 99.5 % at an operating frequency of 77.4kHz, and
an unprecedented gravimetric power density of 16.5 kW /kg.
Moreover, considering the use of 10kV SiC MOSFETs, a
system-level efficiency of 99 % is estimated for the complete
1:1-DCX at an output power of 166 kW. In addition, the
ACT-based 1:1-DCX is characterized by an extremely flat
efficiency curve because of the ACT’s low no-load losses.
Overall, these properties render the ACT a serious com-
petitor of the MCT. The ACT concept is thus particularly
well suited for emerging applications in which robustness,
weight, serviceability and cost-effective manufacturing of
the transformer are of high importance.
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