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Abstract

ONCURRENTLY to the ageing society in industrial nations, the number
C of people suffering from severe heart failure has registered a steady
increase over the last decades. At the end stage, a heart transplantation is
often the only effective long-term treatment. However, the number of suit-
able donor hearts remains extremely limited. Total artificial hearts (TAHs)
are a promising solution to completely replace a failing heart, but the cur-
rently available concepts still suffer from limited durability and relatively
high complication rates, which can also be related to their complex design
(with too many moving parts, such as valves or flexible membranes) and
limited hemocompatibility (due to high velocities and shear rates within the
pumps). At the Deutsches Herzzentrum der Charité in Berlin, a radically new
low-complexity pumping concept was proposed that aims to overcome the
current drawbacks of TAHs. The ‘ShuttlePump’ is an implantable TAH of-
fering a pulsatile physiological blood flow with only one moving part. This
requires a specially designed piston that follows a combined linear-rotary
trajectory, supported radially by a hydrodynamic journal bearing. Such con-
cept is for the first time implemented as a demonstrator system in the course
of this research project. This is possible by bringing together experts from
very diverse domains (actuators, power electronics, fluid dynamics, medicine,
surgery, etc.) in the context of a collaboration between Charité Berlin, the
Medical University of Vienna and ETH Zurich. The fluid-dynamic, clinical
and physiological aspects of the pump were preliminarily investigated at
Charité Berlin and the Medical University of Vienna. To enable the pumping
operation, a drive system is needed, which consists of an electric machine
serving as Linear-Rotary Actuator (LiRA) together with the corresponding
position sensors and power electronics (inverter and control) unit. This essen-
tial part of the system is developed in the context of this thesis at the Power
Electronic Systems Laboratory of ETH Zurich. From the feasibility studies of
the project partners, the constraints and requirements for the electromechan-
ical actuation design are defined, particularly in terms of spatial constraints,
hydraulic load force/torque, bearing radial load, mission profile, power losses,
and mass. As a result, the definition of an appropriate actuation concept and
the subsequent design of the LiRA are very challenging and need to address
several trade-offs. Due to the inherent unbalance in the required mechanical
output power for linear and rotary actuation (3.6 W versus 0.1W, respec-
tively), the two building blocks of the LiRA are designed individually. The
Linear Actuator (LA) has the largest power requirements, and it is therefore
analyzed first. The chosen Permanent Magnet Synchronous Machine (PMSM)
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Abstract

topology is a tubular LA to maximize the active area for force generation.
The Finite Element Method (FEM) optimization explores the crucial trade-off
between ohmic power losses (10 W limit) and radial magnetic attraction force
(to be sustained by the hydrodynamic bearing; 25N limit) for a peak required
axial force of 43 N. The selected design is realized as a hardware prototype
and verified experimentally, attaining 7.9 W of average ohmic losses over
a period of operation and 23.8 N of maximum radial attraction force. The
Rotary Actuator (RA) is then integrated in the remaining volume closely
to the designed LA. Due to the tight spatial constraints, the PMSM design
features only a partial coverage of both the rotor PMs and the stators, which
results in an irregular circumferential torque profile with pronounced cog-
ging. This is investigated with FEM simulations, and the trade-off between
cogging-induced speed ripple in the operational range of 90-300 rpm and
ohmic losses for a fixed required torque of 3.1mN m is highlighted. Impor-
tantly, the interactions of the proposed RA with the previously realized LA
are investigated. The experimental measurements on the RA prototype indi-
cate that the proposed concept can meet the continuous torque requirement
with 324 mW of power losses. With the LiRA designed, the next step is to
accurately measure and control the linear-rotary position of its moving part
(mover), which is integrated in the piston. For this purpose, a Printed Circuit
Board (PCB)-integrated linear-rotary Eddy-Current Sensor (ECS) is realized.
The sensor is obtained by extending a commercially available rotary sensor
with two post-processing options to extract also the linear position informa-
tion. The realized ECS prototype offers position accuracies below 100 um and
around 5°, with adequately large bandwidth up to 10 kHz. The possibilities
offered by eddy-current sensing are further explored with the analysis and
design of an ECS capable of measuring through a conductive barrier. This
‘through-the-walls’ concept may be used for the ShuttlePump in case of a
metallic enclosure, or more in general for any other high-purity application
requiring a sealed actuator. The achievable sensitivity and bandwidth, as well
as the temperature stability of the sensor, are investigated, and design rules
are provided. A prototype of the sensor is realized, which offers a position
resolution down to 1um and 10 kHz of bandwidth. All the building blocks
are finally brought together for the closed-loop linear-rotary position control
of the LiRA. An electromechanical dynamic model of the LiRA is derived
and used to design the controller. Its hardware implementation includes the
realization of a compact inverter and control unit. Synchronized linear-rotary
position control is demonstrated on the complete prototype, with tracking of
the specified motion profile within 1 mm and 5° of error. The control system
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Abstract

capabilities are tested even under heavy axial force disturbances, with a con-
trollable load emulating the required hydraulic force. As a result, the realized
drive system meets the provided specifications and requirements and can
hence be used to enable the pumping operation of the ShuttlePump. This way,
the feasibility of the device as a novel, reliable, durable, and implantable TAH
can be demonstrated with the very next steps of in vitro and in vivo testing.
Assuming a successfully completed test phase, the new device will represent
a major step towards improved TAH systems and/or improved long-term
prognosis for end-stage heart failure patients.
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Sommario

N concomitanza con il progressivo invecchiamento della popolazione nei
I paesi industrializzati, il numero di pazienti che soffrono di insufficien-
za cardiaca grave ha registrato un sostenuto aumento negli scorsi decenni.
Allo stadio finale, un trapianto di cuore ¢ di solito I'unica terapia efficace a
lungo termine. Tuttavia, il numero di donatori di cuore idonei rimane estrema-
mente limitato. I cuori artificiali totali (TAHs) rappresentano una soluzione
promettente per sostituire completamente un cuore in difficolta, ma i siste-
mi attualmente disponibili non sono ancora abbastanza durevoli e i tassi di
complicazioni sono relativamente elevati, il che puo essere anche legato al
loro design spesso complesso (con troppe parti in movimento, come valvole
o membrane flessibili) e alla scarsa emocompatibilita (a causa delle elevate
velocita di taglio all’interno delle pompe). Al Centro Cardiologico Tedesco della
Charité (Deutsches Herzzentrum der Charité) a Berlino é stato ideato un prin-
cipio di pompaggio radicalmente nuovo e dalla bassa complessita, in modo
da superare gli attuali limiti dei cuori artificiali. La ‘ShuttlePump’ € un TAH
impiantabile, che offre un flusso sanguigno pulsatile e fisiologico utilizzando
una singola parte mobile. Cio richiede un pistone dalla forma speciale, che
segue una traiettoria combinata lineare e rotazionale, supportato radialmente
da un cuscinetto idrodinamico. Tale sistema € implementato per la prima volta
come prototipo dimostrativo nel corso di questo progetto di ricerca. Cio e
possibile unendo le forze di esperti in campi di ricerca molto diversi (attuatori,
elettronica di potenza, fluidodinamica, medicina, chirurgia, ecc.) nel contesto
di una collaborazione tra Charité Berlin, la Universita di Medicina di Vienna
e il Politecnico Federale (ETH) di Zurigo. Gli aspetti fluidodinamici, clinici e
fisiologici della pompa sono stati preventivamente studiati a Charité Berlin e
all’Universita di Medicina di Vienna. Per avviare il pompaggio, € necessario un
sistema di azionamento (driver) composto da un motore elettrico, che funge
da Attuatore Lineare e Rotazionale (LiRA), e dai relativi sensori di posizione
e unita elettronica di potenza (inverter e circuiti di controllo). Questa parte
fondamentale del sistema é sviluppata nel contesto della presente tesi al Power
Electronic Systems Laboratory del Politecnico Federale di Zurigo. A partire
dagli studi di fattibilita dei partner del progetto, vengono definiti i vincoli e i
requisiti tecnici per la progettazione dell’azionamento elettromeccanico, in
particolare in termini di dimensioni, forza/coppia di carico idraulico, carico
radiale sui cuscinetti, profilo di missione, potenza dissipata e massa. Di conse-
guenza, la definizione di un adeguato sistema di azionamento e la successiva
progettazione del LiRA sono molto impegnative e non senza diversi compro-
messi. A causa dello squilibrio intrinseco tra la potenza meccanica richiesta
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Sommario

in uscita per 'attuatore lineare e quello rotazionale (rispettivamente 3.6 W e
0.1W), le due parti del LiRA sono progettate separatamente. L’Attuatore Linea-
re (LA) ha requisiti di potenza piu elevati ed é quindi analizzato per primo. La
topologia della macchina sincrona a magneti permanenti (PMSM) scelta € un
attuatore lineare tubolare, cosi da massimizzare I’area attiva, che contribuisce
alla generazione di forza. L’ottimizzazione dell’attuatore & condotta con simu-
lazioni FEM (Metodo degli Elementi Finiti) ed esplora il compromesso cruciale
tra la potenza ohmica dissipata (limite di 10 W) e la forza di attrazione magne-
tica radiale (da sostenere dal cuscinetto idrodinamico, limite di 25 N) per una
forza assiale massima richiesta di 43 N. Il design selezionato € realizzato come
prototipo hardware e verificato con misure sperimentali, ottenendo 7.9 W
di potenza ohmica dissipata media per un periodo di operazione e 23.8 N di
forza massima di attrazione radiale. Successivamente, I’Attuatore Rotazionale
(RA) viene integrato nel volume rimasto disponibile attorno al LA progettato.
A causa degli stretti vincoli spaziali, la topologia della PMSM presenta solo
una copertura parziale sia dei PMs su rotore che degli statori, ottenendo un
profilo di coppia irregolare lungo la circonferenza e con marcato cogging. Tale
aspetto ¢ investigato con simulazioni FEM, evidenziando il compromesso tra
la variazione di velocita indotta dalla coppia di cogging nell’intervallo opera-
zionale di 90-300 rpm e la potenza ohmica dissipata per una coppia richiesta
fissa di 3.1mNm. Per la loro particolare importanza, vengono esaminate le
interazioni dell’RA scelto con 'LA precedentemente realizzato. Le misure
sperimentali sul prototipo dell’RA indicano che la topologia proposta puo
soddisfare il requisito di coppia continua con 324 mW di potenza dissipata.
Una volta progettato il LiRA, il passo successivo € misurare e controllare con
precisione la posizione lineare e rotazionale della sua parte mobile (mover),
integrata nel pistone. A questo scopo, viene realizzato un sensore di posizione
lineare-rotazionale a correnti parassite (ECS), integrato su scheda con circuito
stampato (PCB). Il sensore ¢ ottenuto estendendo un sensore di posizione
rotazionale gia disponibile commercialmente, utilizzando due diverse opzioni
per estrarre anche una misura della posizione lineare. Il prototipo di ECS
realizzato offre precisioni di posizionamento inferiori a 100 pm e circa 5°, con
una larghezza di banda adeguatamente ampia fino a 10 kHz. Le possibilita
offerte dai sensori a correnti parassite sono esplorate ulteriormente con I’ana-
lisi e progettazione di un ECS in grado di misurare attraverso una barriera
conduttiva. Tale sensore che misura ‘attraverso le pareti’ puo essere utilizzato
per la ShuttlePump qualora un involucro metallico fosse necessario, o pit
in generale per qualsiasi altra applicazione ad alta purezza che richieda un
attuatore interamente sigillato. Vengono studiate la sensibilita e la larghezza
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di banda ottenibili, nonché la stabilita termica del sensore, e vengono for-
nite regole di progettazione. Viene realizzato un prototipo del sensore, che
offre una risoluzione della posizione fino a 1um e una larghezza di banda
di 10 kHz. Tutte le parti studiate sono infine combinate e interfacciate per il
controllo di posizione lineare-rotazionale ad anello chiuso del LiRA. A tal fine,
viene derivato un modello dinamico elettromeccanico del LiRA, utilizzato
per progettare il controllore, la cui implementazione hardware richiede la
realizzazione di un inverter compatto e di un’unita di controllo. Il controllo
sincronizzato della posizione lineare-rotazionale & dimostrato utilizzando il
prototipo completo, con un tracciamento della traiettoria specificata entro
1mm e 5° di errore. Le capacita del sistema di controllo sono testate anche in
presenza di elevati forze assiali di disrturbo, con un carico controllabile che
simula la forza idraulica richiesta. Il sistema di azionamento realizzato soddis-
fa le specifiche e i requisiti stabiliti e puo quindi essere utilizzato per abilitare
Poperazione di pompaggio della ShuttlePump. In questo modo, la fattibilita
del dispositivo come TAH innovativo, affidabile, duraturo e impiantabile puo
essere dimostrata con le successive fasi di test in vitro e in vivo. Assumendo
una fase di test completata con successo, il nuovo dispositivo rappresentera
un passo importante per migliorare i TAHs e/o migliorare la prognosi a lungo
termine per i pazienti affetti da insufficienza cardiaca in fase terminale.
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BW
CFD
CMRR
CNC
DC
DDS
DOB
DSB-AM
ECS
FEM
FOC
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PID
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PV
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Abbreviations
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Analog-to-Digital Converter
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Computer Numerical Control
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Finite Element Method
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Field-Programmable Gate Array
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Introduction

EART failure is a serious disease currently affecting more than 26 million
H people worldwide, and the number of cases is expected to increase in
the near future, also due to the progressive aging of the population [1-3].
Despite considerable progress in treatments and prevention, the rates of
mortality and morbidity remain elevated, with a consequent impact on the
patients’ quality of life. A milestone in end-stage heart failure treatment was
reached with the first heart transplantation, performed in 1967 [4]. Still today,
this remains the gold standard long-term treatment for carefully selected end-
stage heart failure patients, with a median survival of about 11 years, with 82%
1-year survival rate, and 69% after 5 years [5,6]. However, the main limitation
is the availability of organs from donors, which is extremely scarce [7]. As
a result, up to 20% of the patients die while on the waiting list for heart
transplantation [8]. Furthermore, there are still cases when transplantation is
not even possible due to graft failure, rejection, or other systemic diseases.
For these reasons, there is an urgent need for alternative, long-term solutions.

1.1 Mechanical Circulatory Support

Mechanical Circulatory Support (MCS) proved to be a very promising treat-
ment option for end-stage heart failure patients who are not eligible for heart
transplantation. It is possible to distinguish between two primary types of
MGCS devices, specifically Ventricular Assist Devices (VADs) and Total Ar-
tificial Hearts (TAHs). As illustrated in Fig. 1.1 (a), VADs are designed to
support a failing heart and restore physiological rates of blood flow. Since
they mimic the pumping functionality of a single ventricle, they can be rela-
tively simple and compact. This favored the development of implantable (Left)

1



Chapter 1. Introduction

VADs, which are already in use as destination therapy and demonstrated to
be comparable to a full heart transplantation in terms of survival rates in
the first years of implantation [9]. As the name suggests, and as shown in
Fig. 1.1 (b), TAHs completely replace a failing heart instead. These devices
are especially needed in all those cases where VADs are not applicable, e.g.,
in the case of severe biventricular heart failure [10].

At the core of both types of devices there is blood pumps employing
various pumping principles. One main discriminant is the type of blood
flow provided by the pump. Positive displacement pumps generate a volume
variation in a blood chamber in a fill-and-eject cycle to offer a pulsatile blood
flow that emulates the physiological one. On the contrary, continuous flow
blood pumps lack this feature, but can be very compactly and efficiently
realized as Rotary Blood Pumps (RBPs). They typically exploit a fast spinning
impeller, equipped with blades, to accelerate the blood. RBPs can feature
either an axial flow, i.e., with the blood meeting the impeller along its rotation
axis and being accelerated along the same direction, or a centrifugal flow,
for which the direction of propulsion is along the plane perpendicular to
the rotation axis. The employed electrical motors are usually Permanent
Magnet Synchronous Machines (PMSMs), which are key to the compactness
and efficiency of RBPs. These lend themselves very well to the integration of
magnetic bearings, which are used in the most advanced RBPs to support the
spinning impeller without any contact.

The application of these pumping principles has been evident in the de-
velopment of various (Left) VADs, facilitating their successful implantation.

F“ﬁi \ TAH
h(art \‘ \\/AD ( * /
/

N r

Drive line Drive line

Power & control Power & control

(a) (b)

Fig. 1.1: Two main types of implantable MCS devices, connected to the extracorporeal
power and control unit via percutaneous drive lines. (a) The VAD supports a failing
heart in its pumping function to restore physiological rates of blood flow. (b) The
TAH completely replaces the patient’s heart instead.
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11. Mechanical Circulatory Support

Indeed, it is possible to distinguish up to three generations of clinically avail-
able devices according to their flow mechanics [11].

Irrespective of the specific pumping principle employed, MCS devices
share common key requirements and characteristics, such as:

» Compactness: the smaller the volume occupied by the device, the easier
its usage and/or implantation is;

» Efficiency: both from the hydraulic and electromechanical points of
view. Especially for electrically actuated systems, high efficiency is
beneficial not just because they are often battery-powered, but also to
limit heat generation in the implant due to power losses. Excessively
high temperatures can indeed result in blood damage;

» Durability and reliability: especially if implanted, the blood pump
should ideally operate for as long time as possible to avoid any (in-
evitably surgical) replacement. Therefore, each and every other part of
the device is simply not allowed to fail. In terms of reliability, especially
challenging is the compromise between simplicity and redundancy;

» Hemocompatibility: elevated shear rates in the generated flow can lead
to blood trauma, i.e., damage to the blood cells. This should clearly
be minimized, also to reduce the risk of adverse events such as throm-
boembolism and related complications.

Each pumping principle scores differently in these aspects, with correspond-
ing advantages and disadvantages. Therefore, the research and development
of new MCS devices promising to meet most of the aforementioned require-
ments is definitely ongoing. A particularly determining aspect is the employed
type of bearings (mechanical, magnetic, electromagnetic or hydrodynamic),
with non-contact solutions performing the best in terms of both durability
and hemocompatibility.

Finally, it should not be forgotten that a working blood pump is ultimately
an electromechanical system consisting of not only the machine itself, but
also of its power supply (the inverter feeding the machine with AC currents
from a DC supply), measurement and control systems needed to guarantee
stable operating conditions. Such Variable Speed Drive (VSD) systems need
to be analyzed and designed in each of their components to reliably bring the
blood pumps into operation.
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1.2 State of the Art and Limitations of TAHs

As mentioned, TAHs represent a promising alternative solution to completely
replacing a failing heart. Indeed, they have been the subject of continued
interest and research in the last decades, with steady advancements and the
development of numerous concepts [12—22]. From the very first pneumatic/hy-
draulic and electromechanical concepts conceived to provide pulsatile blood
flow via a positive volume displacement [15-19], TAHs progressively incor-
porated RBPs in their design and turned into more compact, efficient, and
reliable devices [20-22]. Some remarkable examples of pulsatile flow TAHs
include the Cardiowest TAH (SynCardia Systems, Inc.) or the CARMAT
TAH (Carmat SA), both pneumatically driven. Furthermore, the Abiocor
TAH (Abiomed, Inc.), Rein Heart TAH [6] and Realheart TAH [7] still offer
a pulsatile flow, but based on an electrohydraulic actuator. The Cleveland
continuous flow TAH [9], the BIVACOR TAH [10], and the OregonHeart TAH
(OregonHeart, Inc.) are instead examples of electrohydraulic RBPs, the last
one also featuring hydrodynamic bearings. Despite the blood pumps used for
TAHs often share the same pumping principles as used for VADs, TAHs have
not yet reached a mature stage as a viable alternative for implantation, and
are more often used as a bridge to transplant.

This is clearly indicated by the number of MCS implantations from recent
statistics, which is sixty times smaller for TAHs compared to VADs. The
reason for this pronounced difference lies in the limitations of currently
available TAHs. In fact, they suffer from limited durability and/or relatively
high complication rates, which can be related to their complex design and
limited hemocompatibility [23,24]. For instance, positive displacement blood
pumps with pneumatical/hydraulical actuation utilize diaphragms and valves
to create the pulsatile flow, which constitute a risk for potential failure. Even
when the volume displacement is generated directly via electromechanical
actuation, size and technical complexity are still the main obstacles to long-
term implantation [8]. On the other hand, TAHs based on RBPs cause high
shear rates in the blood flow due to their fast-spinning impeller, with the
risk of excessive hemolysis, which can lead to gastrointestinal bleeding and
thromboembolic complications, among others [12]. It is therefore apparent
that the need for fully implantable, reliable, and hemocompatible TAHs is still
high: as a matter of fact, no TAH has been approved for long-term treatment
so far.
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1.3. The ShuttlePump TAH

1.3 The ShuttlePump TAH

With the ambitious target of overcoming the current limitations of TAHs,
the ShuttlePump (cf. Fig. 1.2) was proposed at the Deutsches Herzzentrum
der Charité in Berlin [25]. Its radically new, low-complexity pumping princi-
ple provides a pulsatile flow with only one moving part, removing the need
for any prone-to-failure valve or flexible membrane. Furthermore, the Shut-
tlePumyp operates with low frequencies, and hence low velocities and shear
rates within the pump, which cause very low blood trauma compared to a
fast spinning impeller in RBPs.

The pumping principle of ShuttlePump relies on a specially designed piston
following a combined linear-rotary motion. This is enclosed in a cylindrical
housing and divides it into two chambers serving as left and right heart
ventricles. Each chamber has an inlet and an outlet. With the linear motion,
the shuttling piston pushes the blood into circulation out of one chamber,
while the other one fills up. At the same time, the piston rotates continuously
around its axis and its rotary position is synchronized to the linear one. This
way, thanks to the special shape of its blades, the opening and closing of the

to PV Soft vascular

Piston z

Rotary stator Z%y

Fig. 1.2: The implantable TAH ShuttlePump, conceptual illustration with virtual fitting
in a patient with biventricular failure (ethics approval obtained at Medical University
of Vienna). The TAH is connected via soft vascular grafts to the Aorta (AO), the Vena
Cava (VC) and the Pulmonary Artery (PA) and Vein (PV).



Chapter 1. Introduction

pump’s inlets and outlets is controlled. Furthermore, continuous rotation
of the blood-immersed piston establishes a hydrodynamic journal bearing,
which supports it radially during pumping operation, avoiding contact with
the pump enclosure. More comprehensive details on the operating principle,
dimensions and requirements of the device are discussed in Chapter 2.

The ShuttlePump is currently under development in the context of a
research collaboration between the Power Electronic Systems Laboratory of
ETH Zurich, the Deutsches Herzzentrum der Charité and the Medical University
of Vienna [25-28]. Concomitantly to the proposal of the new pumping concept,
the fluid-dynamic, clinical, and physiological aspects of the ShuttlePump have
been studied at Charité and the Medical University of Vienna [26]. To enable
the pumping operation and finally assess the feasibility of the overall system,
a suitable drive system is needed, which is the topic of this dissertation.
The drive system consists of the electric motor serving as Linear-Rotary
Actuator (LiRA), together with the corresponding position sensors and power
electronics (inverter and control) unit. In order to guarantee the pump’s
functionality, it is necessary to provide about 45N of peak force for the linear
motion and about 3 mN m of continuous torque for the rotation. Force and
torque generation should not exceed an average power loss limit of 10 W in a
volume of about 0.4 dm>. The synchronized linear-rotary motion of the piston
needs to be performed up to a frequency of 5Hz with a positioning accuracy
of 1mm and 5°. If the employed actuation concept is kept as simple as possible,
the ShuttlePump could represent a promising example of a next-generation
implantable TAH for long-term treatment.

1.4 Challenges

The development of a linear-rotary drive system for the ShuttlePump comes
with a number of challenges, as collected in the following list:

» Simplicity: for improved reliability, the actuation concept needs to
remain simple. This is challenging for highly integrated LiRAs, as
the number of required phases and sensors, and hence the overall
complexity, can easily increase;

» Tight spatial constraints: compactness is a requirement of utmost im-
portance for an implantable TAH. However, the geometry of the Shut-
tlePump imposes many constraints to the LiRA design, which highly
restrict the possible placement options for the motors and position
Sensors;
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> Least power losses: as with any MCS device, local temperature increases
in the blood in the pump must be avoided. The ShuttlePumyp is especially
sensitive due to the employed hydrodynamic bearing, consisting of
a thin layer of blood, which can heat up rapidly. Limiting the power
losses of the LiRA reveals fundamental trade-offs that appear during
machine optimization;

» Synchronized motion control: the combined linear and rotary motion
has to be precisely controlled and synchronized in order to achieve
proper pumping operation. This requires not just an appropriate control
system, but contactless sensors that also need to be fitted in the pump’s
volume;

> System-level co-design: the design of each part of the VSD system (motor,
inverter, and sensors) is always highly interdependent. Moreover, the
external requirements imposed by the application have to be considered
and, in some cases, negotiated due to inevitable trade-offs. Frequently,
what is favorable from a fluid dynamics or medical standpoint may not
necessarily be favorable from a machine design standpoint;

» Interdisciplinarity: last but not least, the research collaboration of which
this work is a part requires a high level of coordination and information
sharing between three leading research institutions throughout Europe.
The added value of the combined expertise in very different research
fields comes at the cost of a more challenging decision-making process.

1.5 Aims and Contributions

This aim of this thesis is to propose a LiRA drive system with a high degree
of integration for the novel TAH concept ShuttlePump, and demonstrate
experimentally its functionality and suitability for the application. A summary
of the most relevant contributions is provided in the following list:

» The novel TAH concept is for the first time implemented as a demon-
strator system (cf. Fig. 1.3 (a)) in the course of this research project.
The conceptualization and realization of the system was possible by
bringing together experts of very diverse domains (actuators, power
electronics, fluid dynamics, medicine, surgery, etc.) in the context of a
collaboration between Charité - Universitdtsmedizin Berlin, the Medical
University of Vienna, and ETH Zurich. The developed knowledge is of
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great help in accelerating the development of next-generation TAHs
and MCS devices in general.

> For the LA part of the LiRA, a design procedure for Tubular Linear
Actuators (TLAs) with non-stiff bearings (hydraulic, air, or magnetic) is
provided. The insights on the emerging trade-offs between power losses
and strong radial magnetic attraction forces can easily be extended and
translated to similar systems.

> For the RA part of the LiRA, a spatially highly constrained PMSM design
with partial stator and PMs coverage is proposed. This can serve as an
example for future constrained designs.

» The PCB-integrated Eddy-Current Sensor (ECS) design proposed for
the ShuttlePump represents a compact and accurate solution for highly
dynamic and simultaneous linear-rotary position measurement of a
moving target.

» Rule-of-thumbs, optimal coil design guidelines and a temperature sen-
sitivity analysis for a special ECS measuring the position of a moving
target behind a conductive barrier are provided. Such a ‘through-the-
walls’ measurement concept has only been very partially explored in
literature.

1.6 List of Publications

Key insights presented in this thesis have already been published in interna-
tional scientific journals, conference proceedings, or presented at workshops.
The publications created as part of this thesis, or also in the scope of other
related projects, are listed below.

1.6.1 Journal Papers

» R. V. Giuffrida, A. Horat, D. Bortis, T. Bierewirtz, K. Narayanaswamy,
M. Granegger, and J. W. Kolar, “Linear-Rotary Position Control System
with Enhanced Disturbance Rejection for a Novel Total Artificial Heart,”
IEEE Open Journal of the Industrial Electronics Society, vol. 5, pp. 359-375,
2024. DOI: 10.1109/0]JIES.2024.3385865.
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M. Granegger, and J. W. Kolar, “Spatially Highly-Constrained Auxiliary
Rotary Actuator for a Novel Total Artificial Heart,” IEEE Open Jour-
nal of the Industrial Electronics Society, vol. 4, pp. 732-747, 2023. DOL
10.1109/0]JIES.2023.3339838.

» R. V. Giuffrida, R. Senti, ]J. W. Kolar, T. Bierewirtz, K. Narayanaswamy,
M. Granegger, and D. Bortis, “Design and Realization of a Highly
Compact Tubular Linear Actuator for a Novel Total Artificial Heart,”
IEEE Journal of Emerging and Selected Topics in Industrial Electron-
ics (Pioneering Work), vol. 4, no. 4, pp. 1010-1023, October 2023. DOIL:
10.1109/JESTIE.2023.3305939.

» R. V. Giuffrida, S. Miri¢, J. W. Kolar, and D. Bortis, “Highly Dy-
namic Eddy-Current-Based Sealed Magnetic Bearing Position Measure-
ment with Temperature Drift Correction - “Seeing Through Conductive
Walls”) IEEE Open Journal of the Industrial Electronics Society, vol. 3,
Pp- 252-264, April 2022. DOIL: 10.1109/OJIES.2022.3163014.

Moreover, the author had the pleasure to contribute to the following Journal
papers:

» T. Bierewirtz, K. Narayanaswamy, R. V. Giuffrida, T. Rese, D. Bortis,
D. Zimpfer, J. W. Kolar, U. Kertzscher, and M. Granegger, “A Novel
Pumping Principle for a Total Artificial Heart,” IEEE Transactions on
Biomedical Engineering, vol. 71, no. 2, pp. 446-455, February 2024. DOIL:
10.1109/TBME.2023.3306888.

> S.Mirié, R. V. Giuffrida, D. Bortis, and J. W. Kolar, “Dynamic Electrome-
chanical Model and Position Controller Design of a New High-Precision
Self-Bearing Linear Actuator,” IEEE Transactions on Industrial Electronics,
vol. 68, no. 1, pp. 744-755, January 2021. DOI: 10.1109/TIE.2020.2992943.

» S. M. Mirié, R. V. Giuffrida, D. Bortis, and J. W. Kolar, “Enhanced
Complex Space Vector Modeling and Control System Design of Multi-
phase Magnetically Levitated Rotary-Linear Machines,” IEEE Journal of
Emerging and Selected Topics in Power Electronics, vol. 8, no. 2, pp. 1833-
1849, June 2020. DOI: 10.1109/JESTPE.2019.2945625.

1.6.2 Conference Papers

» R. V. Giuffrida, J. W. Kolar, and D. Bortis, “Eddy-Current Linear-
Rotary Position Sensor for an Implantable Total Artificial Heart,’
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in Proc. of the 25th International Conference on Electrical Machines
and Systems (ICEMS), Chiang Mai, Thailand, November 2022. DOL
10.1109/ICEMS56177.2022.9982894.

» R. V. Giuffrida, S. Miri¢, A. Horat, D. Bortis, and J. W. Kolar, “Con-
trol System Design and Experimental Verification of a Self-Bearing
Double-Stator Linear-Rotary Actuator,” in Proc. of the 13th International
Symposium on Linear Drives for Industry Applications (LDIA), Wuhan,
China, July 2021. DOI: 10.1109/LDIA49489.2021.9505865.

» R. V. Giuffrida, S. Miri¢, D. Bortis, and J. W. Kolar, “Looking Through
Walls — Actuator Position Measurement Through a Conductive Wall
in Proc. of the z3rd International Conference on Electrical Machines
and Systems (ICEMS), Hamamatsu, Japan, November 2020. DOI:
10.23919/ICEMS50442.2020.9291020.

Furthermore, the author had the pleasure to contribute to the following
conference publication:

» S. Miri¢, R. V. Giuffrida, G. Rohner, D. Bortis, and J. W. Kolar, “De-
sign and Experimental Analysis of a Selfbearing Double-Stator Linear-
Rotary Actuator,” in Proc. of the IEEE International Electric Machines
& Drives Conference (IEMDC), Hartford, CT, USA, May 2021. DOL
10.1109/I[EMDC47953.2021.9449501.

1.6.3 Workshops and Seminars

» S. Miri¢, R. V. Giuffrida, D. Bortis, and J. W. Kolar, “Multifunctional
Self-Bearing Linear-Rotary Actuators,” presented at the 25th Interna-
tional Conference on Electrical Machines (ICEM), Valencia, Spain, Septem-
ber 2022. DOL: not available.

1.7 Outline of the Thesis

According to the goals and contributions mentioned above, the content of the
thesis is divided into seven main chapters and a conclusion. All the chapters
can be read independently since the interdependencies have been reduced to
the strict minimum.

» Chapter 2 provides a more detailed overview of the ShuttlePump TAH.
In particular, its novel pumping principle is explained, from which
10
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the need for a linear-rotary actuation system is apparent. Further
mechanical and hydraulic aspects of the pump that are relevant for the
subsequent actuation design are reported. This way, a set of constraints
and requirements for the LiRA is defined.

» Chapter 3 presents the design, realization and experimental verifi-
cation of the LA part of the LiRA (cf. Fig. 1.3 (b)). Based on the
specified constraints and requirements of the ShuttlePump, the appro-
priate PMSM topology is selected and its design is optimized using FEM
simulations. The corresponding hardware prototype is verified with
experimental measurements. The measured machine constant indicates

=
N
= ;Iglll‘

I I) s

3 7L

RS

AN
e\

Fig. 1.3: (a) Hardware prototype of the ShuttlePump drive system, consisting of the
drive and control unit, linear-rotary position sensors, and the LiRA (stator and mover).
(b) LA part of the LiRA highlighted. As the LA needs to deliver most of the mechanical
power, it occupies most of the available volume. (c) RA part of the LiRA highlighted.
The RA is accommodated in the remaining volume after the LA is designed. (d) Linear-
rotary ECSs highlighted. The semicircular measurement target is made of copper and
embedded at the axial surfaces of the piston.
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12

that the designed TLA can provide the required axial actuation force
within the specified power losses.

Chapter 4 presents, analogously to Chapter 3, the design, realization
and experimental verification of the RA part of the LiRA (cf. Fig. 1.3 (c)).
After designing the LA, the RA is accommodated in the remaining
available volume. Due to the stringent spatial constraints, the selected
machine concept is very peculiar, as only a partial coverage of the stator
and the PMs is allowed.

Chapter 5 discusses the design of the PCB-integrated linear-rotary
eddy-current position sensor (cf. Fig. 1.3 (d)), needed to accurately
control the motion of the piston of the ShuttlePump. The ECS is obtained
by extending a commercial rotary ECS into a full linear-rotary one by
appropriate post-processing with two linear position measurement
options.

Chapter 6 describes the linear-rotary position control system that
enables accurate tracking of the specified motion profile for the piston
of the ShuttlePump. Based on a detailed electromechanical dynamical
model of the LiRA, the controller is designed with special attention to
its disturbance rejection capabilities. This is particularly important for
the control of the axial/linear position, which is disturbed by strong
hydraulic load forces. The experimental measurements demonstrate
successfully synchronized linear-rotary position control within the
allowed tracking tolerances.

Chapter 7 presents a detailed analysis and design of an eddy-current
position sensor that extends the capabilities of standard ECSs to the case
when a conductive barrier is interposed between the sensor head and
the moving target. Furthermore, the influence of temperature variations
on measurement accuracy is studied, and a drift-correcting technique
is proposed. In the context of the ShuttlePump, this alternative sensing
concept could be used in case a metallic enclosure is needed.

Chapter 8 concludes the thesis by recapitulating the results and con-
tributions and putting them in perspective with an outlook on future
work.



The ShuttlePump: Pumping Principle
and Requirements

Chapter Abstract |
This chapter provides an overview of the ShuttlePump, describing the device and its geometry,
and explaining its operating pumping principle. The most important requirements that need
to be considered to design a linear-rotary drive system are listed and commented on. These

include, among others, the targeted motion profile, with force and torque requirements, and

limits on the maximum allowed power losses, volume, and mass. |

2.1 Introduction

As anecessary premise to the subsequent design of the Linear-Rotary Actuator
(LiRA) drive system, in this chapter the ShuttlePump is presented more in
detail. In particular, first the device is described with an overview on its
parts and their mechanical design. Then, its novel, low-complexity operating
principle providing a pulsatile blood flow without valves and only one moving
part is explained. Finally, the requirements that will guide the design of the
drive system are listed and discussed.

2.2 Mechanical Design and Geometry
The initial design of the proposed TAH concept was conducted at Charité [26],

taking into account the main requirements for implantable TAHs, such as:
13
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1. similar spatial dimensions as the native ventricles, to favour the device’s
implantability;

2. high durability for use as a long-term therapy;
3. use of hemocompatible materials in blood contact;

4. versatile anatomically oriented vascular connections to permit implan-
tation in a large patient population.

Enclosure Piston

(a) (b)

Fig. 2.1: Parts and geometry of the ShuttlePump, with annotated dimensions reported
in Tab. 2.1. (a) Cylindrical enclosure with two round inlets and two round outlets on
its lateral surface. (b) Cylindrical piston with specially-carved axial ends forming two
opposite blades to control opening/closing of the inlets/outlets.

Tab. 2.1: Geometric parameters of the ShuttlePump.

Name Symbol Value Unit
Enclosure inner axial length lein 100 mm
Enclosure inner diameter de in 49 mm
Enclosure thickness (lateral) de 0.5 mm
In-/outlets diameter d; 12 mm
Inter- in-/outlets distance Imid 40 mm
Blood gap dpg 140 pm

Piston axial length L 78 mm
Piston outer diameter dy 48.72 mm
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2.3. Pumping Principle

As shown by Fig. 2.1 and then in the yz- cut view of Fig. 2.3 (a), the Shut-
tlePump consists of a cylindrical piston (diameter d, = 48.72 mm; length
I, = 78 mm) with a special curved shape at its two axial ends and an enclosure
(inner diameter dej, = 49 mm; inner length . j, = 100 mm; walls thickness
de = 0.5mm) with two inlets and two outlets (diameter dj, = 12mm). All
the dimensions are also reported in Tab. 2.1. The piston divides the volume
within the enclosure into two chambers, serving as left and right heart ven-
tricles, and has to simultaneously translate along and rotate about the axial
direction z. The pump assembly is completed with titanium ducts at the in-
and outlets, connected to soft vascular grafts. All in all, the construction of
the device is relatively simple, and the specially shaped piston is the only
moving part. Concerning materials, at an earlier stage of the project the use
of medical grade titanium for the enclosure was considered. Finally, silicon
carbide is used, as it features high thermal conductivity and good hemocom-
patibility [29]. The outer shell of the piston is instead made of polyether ether
ketone (PEEK) which is also hemocompatible [30].

2.3 Pumping Principle

The operating principle of the ShuttlePump is illustrated in Fig. 2.2, showing
four stages of the piston’s linear-rotary motion. With the linear motion,
the piston pushes the blood out of one chamber and new blood is collected
in the other. The volume of blood displaced per stroke is 30.2 mL and the
full axial stroke length is 2 - zy, = 16 mm. The shuttling frequency can be
adjusted from 1.5 - 5Hz to reach sufficient cardiac outputs from 2.5 - 9 L/min
against arterial pressures of 50 - 160 mmHg. As a result, the linear motion
is the one with larger power requirements. The (continuous) rotary motion
instead coordinates the opening and closing of the inlets and outlets, thanks
to the special shape of the piston. This way, the blood flow is interrupted
without the need for any valve, thus improving the durability and reliability
of the device and reducing its complexity. Moreover, compared to rotary
blood pumps with a fast spinning impeller, this physiological, pulsatile flow
featuring low velocities may significantly reduce blood damage. The other
important function of the rotary motion is to establish a hydrodynamic journal
bearing [31]. In fact, between the piston and the enclosure’s inner surface,
there is a small gap allowing a thin layer of blood to be formed. By maintaining
continuous rotation at a frequency of at least 1.5 Hz, this supports the piston
radially during operation, avoiding contact with the pump’s enclosure. This
self-bearing feature not only extends the lifetime of the device, but also
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Fig. 2.2: Operating principle of the ShuttlePump. The piston continuously rotates
around the z-axis, controlling the opening/closing of the inlets/outlets and establishing
a hydrodynamic journal bearing. During the left systole (stages 1 and 2), the piston
translates along the positive z-axis, pushing the blood in the left chamber out while
the right chamber fills up. During the right systole (stages 3 and 4), the translation
direction is reversed, as well as the chambers being emptied/filled up.

reduces the risk of thrombosis and similar adverse events that are usually
related to the use of mechanical bearings in blood pumps [32,33]. The length
of the blood gap is a key parameter that plays an important role both for the
hydrodynamic bearing, the shear stresses on the blood cells and the heating of
the blood. Its value is optimized by means of Computational Fluid Dynamic
(CFD) simulations at the Medical University of Vienna and selected to be
dpg = 140 pm [26].

2.4 Drive System Requirements

The design of the drive system for the ShuttlePump needs to be carried out tak-
ing into account several important constraints and requirements. A complete
list is available in Tab. 2.2 and some of the most relevant ones are discussed
in the following.
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Tab. 2.2: Specifications of the ShuttlePump.

Name Symbol Value Unit
Maximum axial dimensions Lax 105 mm
Maximum radial dimensions dout 70 mm
Inter- in-/outlets distance Imia 40 mm
Magnetic gap dag min 1 mm
Axial stroke amplitude Zstrk 8 mm
Maximum axial force Freqpeak ~43 N
Axial torque Mieq 31 mNm
Max. allowed radial force Frad max 25 N
Maximum piston weight Mmov.max 300 g
Piston frequency fop 1.5-5 Hz
Piston rotational speed Qop 90-300 rpm
Operating conditions 25-9 L/min
50 -160 mmHg
Maximum av. cont. losses Prot avgmax 10 W
Blood temperature increase ATax 2 K
l lax |
J ’ Enclosures
R H H Space available
— for the LiRA
Mmov
Zstrk
- )
Hl = e +
Zstrk
|\ r 1
N H \ dencl
Imid : dig
Iy dag,min dencl

Fig. 2.3: yz- cut view of the ShuttlePump, showing its enclosure and specially-shaped
piston with annotated dimensions, reported in Tab. 2.2. The orange area indicates the
available space that can be used to fit the LiRA. A detailed view of the gap between
enclosure and piston is shown on the right side.
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Spatial Constraints

The first important set of requirements are the spatial constraints imposed
by the pump’s geometry and the maximum allowed external dimensions to
guarantee that the final system is implantable. As annotated in Fig. 2.3, the
available space that can be occupied by the stator(s) of the LiRA is limited
axially to l,x = 105 mm and radially to a maximum outer diameter of dyy =
70 mm. Furthermore, the presence of the inlets and outlets limits even further
the available space on the lateral surface of the enclosure. To ensure the
manufacturability and sufficient rigidity of the enclosure, the thickness of
its lateral wall cannot be smaller than de,; = 0.5 mm. The same constraint
applies to the external shell of the piston that is needed to prevent direct
contact of the bare mover with the blood, which is clearly not allowed. The
resulting minimum magnetic gap is hence dagmin = de + dsperr = Imm. In
addition, the thickness of the blood gap di; = 140 um between the enclosure
and the piston shell has to be considered.

Motion Profile

One of the most important requirements for correct operation of the pump
is that the piston tracks the specified motion profile in Fig. 2.4. The linear
trajectory follows a quasi-sinusoidal profile shuttling axially around the center
of the enclosure with a stroke amplitude of zg, = 8 mm. The linear motion
needs to be synchronized with the rotary motion, which happens at constant
speed in the operational range. Further details on the motion profile are
provided in Sec. 6.2.2, defining the linear and rotary positioning tolerances.

Force and Torque

Linear-rotary position tracking has to comply with the required axial force
profile F.q and torque Mcq. As the hydraulic resistance of the systemic
circulation is higher than for the pulmonary circulation, the afterload pressure
during the left systole is higher than during the right systole, which explains
the asymmetric profile of Feq reported in Fig. 2.4 and obtained from the
CFD simulations. A higher linear force, with a peak of Freqpeak = 43N is
hence needed when shuttling from the right side towards the left one. The
(continuous) torque requirement to keep the piston rotating in blood till
fop.max = 5Hz is estimated by CFD simulations to be Myeq = 3.1mNm.
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Fig. 2.4: Linear (axial) motion profile to be followed by the piston of the Shut-
tlePump during one operational cycle, synchronized to the rotary motion. Simul-
taneously, the required force profile Freq has to be provided to generate the necessary
pressure at the cannula of the pump. The force profile is obtained by means of CFD

simulations [26].

Power Losses

Another crucial constraint is on the maximum allowed total losses of the
LiRA for continuous operation , since they cause heating of the blood in the
pump. To comply with the regulations for active implantable devices, the
local blood temperature increase in any part of the pump has to be limited
to ATmax = 2K [26,34]. The blood flow through the pump serves as forced
convection cooling for the system. Nevertheless, the region between inlets
and outlets, is the most critical. In fact, due to the thin blood gap for the
hydrodynamic bearing, there is only a small volume of fluid between the
piston and the enclosure, which can heat up rapidly. Considering the worst-
case scenario that all the losses coming from the LiRA are concentrated in
this region, and assuming that the heat is completely transferred to the blood,
it is calculated that the average power losses over one period of operation

should not exceed Piotavgmax = 10 W.
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Power Supply

Minimizing the power losses is also very important as the ShuttlePump is
finally powered by a battery pack. This is typical for implantable blood pumps,
with a system consisting, e.g., of two batteries, one supplying the device while
the other one is being charged [35]. For the first trials, the battery pack is
extracorporeal and connected to the implanted device via a percutaneous
drive line (cf Fig. 1.1). In a second stage, this can potentially be replaced by a
Transcutaneous Energy Transfer (TET) system [36].

Radial Forces

The hydrodynamic journal bearing of the ShuttlePump is designed according
to the geometry of the piston, its eccentricity with respect to the enclosure and
the blood gap length, with a maximum sustainable radial load of Fyear max =
42N [37]. The validity of the bearing design is further supported by the results
of CFD simulations [26]. In order to ensure that the designed LiRA can be
integrated in the final system without compromising the operation of the
hydrodynamic bearing, it is decided to limit the radial forces it introduces
to a maximum of Fiagmax = 25N. Furthermore, the design of the LiRA
should preserve axial symmetry as much as possible. In fact, an asymmetric
placement of the stator(s) could lead to excessive tilting of the piston during
operation due to unbalanced reluctance forces between the PMs of the mover
and the stator(s).

Piston’s Mass

Finally, another aspect to consider is the total mass of the piston, which should
be minimized. This reduces not only the inertial force required to accelerate
it during axial motion but also the reaction forces on the stator. This way, the
stress on the tissues surrounding the implant is also beneficially reduced. The
mass of the piston mostly consists of the mass of the mover of the LiRA and
will hence be indicated with m,,, in this work.

2.5 Summary

This chapter provided an overview on the ShuttlePump TAH. The geometry
of the pump was described, and the dimensions of its parts were provided.
Then, the most important requirements for the drive system to be designed
were discussed. The maximum outer dimensions of the system are limited to
20



2.5. Summary

a diameter of doyt = 70 mm and a length of I,x = 105 mm. The synchornized
linear-rotary motion profile was provided, together with the force/torque
requirements of Freqpeak = 43 N and Meq = 3.1mNm. The maximum allowed
power losses are Piotavg,max = 10 W, the maximum allowed radial load for the
hydrodynamic bearing is limited to Fragmax = 25N and the system’s mass
should be minimized. As it will be shown in the following sections, these
constraints introduce significant trade-offs during machine design.
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Chapter Abstract
This chapter presents the analysis, design and realization of the Linear Actuator (LA) part of

the ShuttlePump, which needs to provide about 45N of axial actuation force. Design criteria
are the minimization of volume and generated power losses in the winding, which could
result in excess heating and/or blood damage. The LA is implemented as a Tubular LA (TLA)
to maximize the active area for linear/axial force generation. After a preliminary analysis
based on first principles, the TLA is optimized in detail with the aid of FEM simulations,
exploring the main design trade-off between ohmic losses and radial magnetic attraction
forces. The experimental measurements conducted on the realized TLA prototype verify the

| FEM simulation results and confirm the suitability for the realization of the ShuttlePump. |

3.1 Introduction

This chapter discusses in detail the analysis, design, realization and experi-
mental verification of the Linear Actuator (LA) part of the ShuttlePump, which
is an important interim result before continuing with the Rotary Actuator
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(RA) part. In fact, as emphasized in the following section, the LA has the
largest power requirements and its design is therefore prioritized. The chapter
is structured as follows. Sec. 3.2 presents the machine analysis, topology
selection and dimensioning based on which the optimization of Sec. 3.3 is con-
ducted. This finally leads to the selection of a candidate LA design. Sec. 3.4
introduces the realized hardware prototype of the LA and the test bench
used for the experimental verification. The measurements are presented and
commented in Sec. 3.5. Finally, Sec. 3.6 concludes the chapter.

3.2 Machine Analysis and Dimensioning

The machine design and optimization of the LA is based on a preliminary
analysis, presented in this section. The goal is to select the most suitable
motor concept for the LA given the stringent constraints discussed in Sec. 2.4
and identify the most important parameters affecting force generation, before
continuing with a detailed FEM optimization.

3.2.1 LiRA Concept: Independent Actuators

The first decision taken is to realize the LiRA of the ShuttlePump as two
independent actuators, i.e., a LA and a RA. This choice is motivated by a few
important aspects. Simplicity and reliability are highly desirable features for a
drive system, even more for an implantable blood pump. The higher the over-
all system’s complexity, the higher the risk of partial failure with potentially
very serious consequences for the patient. Also the practical realization of a
complicated machine topology could get particularly challenging, especially
under tight spatial constraints. When it comes to highly integrated LiRAs, for
instance, the system’s complexity can considerably increase [38—41]. Having
many stator phase currents to supply and control independently is hardly
advantageous. In fact, the inverter and control unit gets increasingly compli-
cated as well and occupies a larger volume. This could be an issue, in case it
is desired to implant it together with the blood pump. If that is not the case,
a percutaneous driveline is needed to connect the implanted pump to the
extracorporeal inverter and control unit. Even then, a large number of phase
currents and control signals is not ideal, as the connecting driveline would
increase in cross section. Therefore, it is highly beneficial to minimize the
number of phase currents of the LiRA as much as possible. In the literature,
there are interesting concepts that follow this direction. One example is
the screw motor, for which the linear motion is obtained passively with a
24



3.2. Machine Analysis and Dimensioning

special arrangement of the PMs [42]. By making one of the two motions
passive, i.e., caused solely by reluctance forces, it is possible to only use three
phase currents. Nevertheless, a solution of this kind hardly complies with the
force requirements and motion profile of the ShuttlePump. Another aspect
that motivates a separate design of the two actuators is that the required
(average) mechanical output power of the LA is substantially larger than
the RA. For the LA, starting from the motion profile and required force of
Fig. 2.4, it can be calculated that Ppechavgra = 3.6 W. For the RA instead,
due to the low rotational speed and torque, it is only needed to provide about
PrechavgRa = 100 mW. By assuming that both actuators can be designed
with the same power density, the volume share of the LA over the total LiRA
volume is

P, mech,avg,LA

VshareLa = =97.3%. (31)

P, mech,avg,LA +P, mech,avg,RA

Therefore, it is reasonable to use as much space as possible for the LA and
provide the best actuator design possible, e.g., by avoiding a combined LiRA
concept that could significantly reduce the LA’s efficiency. The LA is then
realized as a Tubular Linear Actuator (TLA). This way, the full lateral surface
of the cylindrical piston can be used for axial force generation. The TLA is
implemented as a Permanent Magnet Synchronous Machine (PMSM), which
is a typical choice for blood pumps [43]. In fact, PMs allow to reach high flux
densities in the least volume, thus meeting the compactness requirements of
such implantable devices.

3.2.2 PMSM Topology Selection for the TLA

The most suitable machine topology for the (T)LA is selected among a variety
of alternatives. The first and most basic decision to take is on the poles/slots
combination. With a number of stator slots Ny = 6 and a number of mover
poles N, = 2, it is possible to maximize the winding factor to £ = 1. This is
achieved with a distributed winding, which for a TLA can be conveniently
realized with 6 individual circular coils.

For the stator, it is possible to choose either a slotted (cf. Fig. 3.1 (a)) or a
slotless (cf. Fig. 3.1 (b)) design. With a slotted stator with stator teeth, the
magnetic air gap length can be minimized to daygmin = 1mm, which results
in a higher air gap flux density and hence a higher force constant compared
to a slotless stator, where the air gap length and resulting force constant is
mainly defined by the stator winding thickness (which should be maximized
to minimize the winding losses). Furthermore, a slotless stator presents
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Fig. 3.1: Considered options for the stator and the mover of the TLA for the case of
N; = 6 stator slots and N, = 2 mover poles. (a) Slotted stator, (b) slotless stator, (c)
SPM mover with radially (r-) magnetized PMs and (d) IPM mover with axially (z-)
magnetized PMs.

little variations in the air gap reluctance along the axial direction, which
considerably mitigates cogging effects (cf. Sec. 3.2.3). For these reasons, both
designs are considered in the subsequent FEM optimization of Sec. 3.3.

For what concerns the mover, the needed poles can be obtained with two
different PM arrangements [44]. One option is to use Surface-mounted PMs
(SPM) with a radial magnetization direction, as shown in Fig. 3.1 (c). As it
can be noticed, this requires a mover back iron to close the magnetic path
with the minimum length. To realize this in practice, custom-made radially-
magnetized PMs are required, which have extremely high manufacturing
costs. Nevertheless, it is possible to obtain approximately the same result
with smaller PM segments. The other option is to use Interior PMs (IPM)
with an axial magnetization direction, interleaved by rings of ferromagnetic
material as shown in Fig. 3.1 (d). These magnets are considerably easier to
produce and the mover can be assembled by stacking the ring-shaped PMs
and the ferromagnetic rings together. Finally, one further option would be the
Halbach array. However, due to difficult realization, this is not investigated
further.

26



3.2. Machine Analysis and Dimensioning

Stator Reluctance Stator Reluctance
W Forces W Forces
E ad

Ko X

(a) Tmov = 0 (b) Tmov > 0

Mover

Fig. 3.2: Radial magnetic attraction force effect. (a) With a centered mover, all the
radial reluctance forces are balanced, whereas (b) when the mover is displaced radially
(e.g., along the x-direction), a net radial attraction force F,,q appears. Note that the
mover is not to scale on purpose to better visualize the reluctance forces.

3.2.3 Variable Air Gap Reluctance Effects

Besides the selection of the basic machine topology, there are three important
air gap reluctance effects that have to be considered to design a working TLA.
These effects are much more prominent (and critical) with a small magnetic
air gap length, which is the case for a slotted stator design. The first effect is
the radial magnetic attraction force acting on the mover. This appears as soon
as its axis is not aligned to the stator’s one. In fact, it can be shown that the
center of the stator is an unstable equilibrium position for the mover. As soon
as this is displaced radially, the reluctance forces caused by the attraction of
the PMs with the stator core are not anymore balanced, with a resulting radial
magnetic pull (cf. Fig. 3.2 (a) and (b)). As the ShuttlePump has no mechanical
bearing holding the mover perfectly concentric, this force can heavily disturb
the hydrodynamic bearing and should hence be explicitly considered in the
optimization.

The second effect is the cogging force along the axial direction, appearing
for slotted stator designs. This is caused by the variable air gap reluctance
profile due to the presence of the stator teeth [45]. It is known that the
profile of the cogging force Feogy along the axial direction z exhibits a spatial
periodicity given by the least common multiple of the number of stator slots
N; and the number of mover poles N,,, i.e.,

Ncogg T

Feogg = Acogg sin ( z) with Neogg = lem(Ns, Np). (3.2)

™
with 7, = l,¢t/Np the pole pitch and [, the length of the actuator. If no counter
measure is taken, the amplitude F.g; can be so large as to compromise the
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operation of the TLA. The most effective way to mitigate cogging force is to use
pole shoes, as they smooth out the air gap reluctance profile [46,47]. Therefore,
for slotted stator designs, pole shoes will be included in the optimization as
well.

The last important effect to consider is the edge effect or edge cogging
force. Also this is caused by the air gap reluctance. More precisely, when the
mover is displaced axially away from the center position as in Fig. 3.3 (a),
the total reluctance seen by the PMs sharply increases, as there is no stator
in front. Consequently, there is a strong axial force Fayedge that pulls the
mover back towards the center position, i.e., to the condition with minimum
reluctance. This can be countered by extending either the stator (Fig. 3.3 (b))
or the mover (Fig. 3.3 (c)) along the axial direction in such a way that the
total reluctance is approximately constant during the whole axial motion [44].
In order to minimize the mass of the mover, the former option is preferred,
i.e., the stator is extended by 2 - zy = 16 mm. Depending on the size of
a stator pitch 75 = It/ Ns, it would be possible to fit additional coils in the
stator extensions, as e.g., visible in Fig. 3.3 (b). However, energizing such
coils would generate additional ohmic losses which do not fully contribute
to force generation. For this reason, no further coil is added in the stator
extensions. As a consequence, it is important to notice that the active length
(and hence area) effectively contributing to force generation drops when the
mover is displaced from the center of the actuator, i.e.,

lact,eff(zmov) = lyet — |Zmov| s (3-3)

Elx.(‘,dg(:

(a) Basic (b) Ext. Stator (c) Ext. Mover

Fig. 3.3: Edge cogging force effect and possible solutions. (a) Basic TLA with stator
and mover of equal length, for which a strong edge cogging force Fyy edge appears
(magnetic spring) as soon as the mover is displaced from the center of the actuator.
(b) Solution 1: TLA with extended stator. The stator extensions can optionally host
additional stator coils. (c) Solution 2: TLA with extended mover.
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where zp,oy is the position of the mover. In future work, the stator extensions
will be used to integrate the RA for a highly compact design.

3.2.4 Analysis and Dimensioning from First Principles

Before proceeding with the FEM optimization of the TLA, a short preliminary
analysis based on first principles is conducted. This is useful for multiple
reasons. First, it enhances the understanding and the interpretation of the
subsequent optimization results. Furthermore, it allows to fix some param-
eters beforehand by understanding their effect, thus reducing the number
of optimization variables to sweep. Last but not least, it can be used for a
feasibility check, i.e., to roughly estimate whether the required force can be
achieved respecting the provided constraints on power losses and dimensions.
For internal force generation in AC machines, consider the area-related

force density,
oax(2) = S(2) Bag(z)s (3-4)

where S(z) is the equivalent current sheet and B,g(z) the magnetic flux density
in the air gap at the position z (assuming symmetric axisymmetric designs).
The total axial force F,x is obtained by integrating o,4(z) along the active
area, i.e., the (inner) lateral surface of the cylindrical TLA, hence

lact/z
Fax = 2mtroy / Oax(2) dz. (3:5)

lact /2

With Nj, = 2, i.e., one pole pair, only the fundamental components of B,z (2)
and S(z) contribute to force generation. Therefore, (3.5) can be rewritten as

lact/2
Fo = 2r, / 51(2) Baga (2) dz. (3.6)
_lact/z

The fundamental component B,g1(z) can be written as

N . 27
Bues(2) = ~Bugssin (2 2= + S 57

act

where Jmov = —Zmov lz—”t is the electrical angle of the mover (with respect to

the stator). The amplitude Bag,l can be approximated from the equivalent
magnetic circuit model of Fig. 3.4 (a). The circuit is valid for the SPM case
and it is greatly simplified. It considers only the radial field component of
the main flux path, thus neglecting any leakage flux. Moreover, it assumes
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(a) (b) i E—

Fig. 3.4: (a) Simplified equivalent magnetic circuit at the air gap of the LA, valid for
the SPM case. The field is assumed to be homogeneous in the radial direction and
any leakage and fringing is neglected. It is assumed that the magnetic permeability
of the cores is yirpe — 0, from which R(gpi) — 0. (b) Exemplary machine plan for
the analysis of force generation, showing the equivalent current sheet S(z) and its
fundamental component S;(z), the area-related force density oax(z) and the air gap
magnetic flux density Bag(z) and its fundamental component Bag1(2).

that the field is homogeneous and does not consider any fringing due to the
large coverage of the pole shoes. With these assumptions, the peak air gap
flux density is
Bag = $asg _ O _ Hedpu Ho
Aag Rag,tot Aag dag + dPM

(3-8)

where ¢, is the magnetic flux in the air gap, A, the air gap cross section, Opy
the magnetomotive force generated by one PM with coercitivity H and Rag tot
the total equivalent air gap reluctance. The amplitude of the first harmonic
Bag,l also depends on the PM coverage factor kpy (that determines the length
of and hence the gap between the PMs) and is

4 . . T
Bag1 = . Bgg sin (kPM 5) . (3.9)

The current sheet S(z) is obtained considering the currents impressed in the
distributed winding as shown in the exemplary machine plan of Fig. 3.4 (b).
The fundamental component S;(z) can be written as

act

A 2
51(2) = =S sin (Z l_” + &stat) > (3.10)
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where gt is the electrical angle of the stator field, which can be controlled
with the inverter to be Jsat = Imov for maximum force generation (Field-
Oriented Control, FOC). The amplitude S; is calculated as

. 6 sin ((1 — kgecu) %) if
((1 - kFeCu) %) lact

1= ; (3.1)

where NI is the peak Aturns impressed in the stator winding and the iron-to-
copper ratio parameter kgecy is introduced. As in a slotted design the width of
a tooth and a coil add up to a stator slot pitch 75 = I, /6, it holds Ipe = kpecy 7s
and Icy = (1 — kpecy) 7s. With this definition, for the special case kpecy = 0 a
slotless stator design is obtained.

By integrating (3.6) and with the expressions for the fundamentals (3.7)
and (3.11), the axial force results finally as

A A 1 A A
Fax = 7 lLact Tmov S1 Bag,l = E Aact S1 Bag,b (3~12)

where Ayct = 2 7 'imov lact 1S the active area of the LA. The corresponding total
ohmic losses of the stator winding are

lw, 0

Py =3Ry (N)? =3 (NT)%, (3.13)

ocu ki Acuo
where Ry is the single-turn resistance of a circular coil, L is the single-turn
length of the coil, o¢y is the conductivity of copper, kg the fill factor and the
single-turn copper cross section is

Acuo = dcu lew = deu (1= krecu) (lact /6). (3-14)

The derived first-principles relations offer some meaningful insights on
which variables contribute to force generation and/or ohmic losses. For
instance, from (3.8), (3.9) and (3.12) one can recognize the role of the air gap
length d,,, which should be minimized to maximize Fy. In the denominator
of (3.8), one can observe the effect of the series reluctance of the PMs (with
thickness dpy;) in a SPM mover. Most importantly, from (3.13) and (3.14) it can
be seen that maximizing the fill factor kg and the coil copper cross section
Acu, s crucial to reduce the ohmic losses. As a consequence, the available
TLA volume should be maximally used. Hence it is already possible to fix
dout = 70 mm, thus maximizing dcy. Also the iron-to-copper ratio kpecy
directly affects the ohmic losses for (almost) the same output force (the effect
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in (3.11) is minimal) and should be ideally minimized. Nevertheless, care
must be taken and further investigation is needed. In fact, very thin stator
teeth are not only mechanically more fragile and difficult to manufacture,
but also prone to magnetic saturation. Furthermore, recall that the simplified
magnetic circuit model holds for a large shoe coverage with homogeneous
field and does not include fringing and leakage effects.

Finally, (3.14) reveals that also the actuator’s length [,.; should be maxi-
mized as far as possible. Another strong motivation is given by the (effective)
active length of the extended stator design found in (3.3). The larger L, the
smaller the reduction of lycteff (Zmov) during the axial motion. Furthermore,
recall that the thin layer of blood serving as hydrodynamic bearing can heat
up very easily by absorbing the heat generated by the LiRA. If the actuator is
longer, the volume of such blood layer is larger, and hence its temperature
increase is smaller for the same power losses. With the chosen extended
stator design the total stator length is Lt = Lyt + 2 - Zguk. As the length
between left and right inlets/outlets is limited to l;g = 40 mm, the actuator’s
length is finally maximized to l,y = 24 mm.

The preliminary analysis is completed with one last consideration on the
radial attraction force F;,q. Being a reluctance force, it depends linearly on
the active area and quadratically on the air gap magnetic flux density, i.e.,

Frad o< Aaet Bzg- (3-15)

Recall that Fy,q should be limited in order not to impair the hydrodynamic
bearing. In contrast, for force generation (cf. (3.12)) high values of B,z and A,
are desirable. For the same output force F., a reduced B,; would need to be
compensated with increased current NI or a larger active area A,. Between
the two options, increasing A, is more favorable, as a larger current increases
quadratically the ohmic losses (cf. (3.13)). With the maximized length [, =
24 mm and hence fixed A,., the trade-off between radial attraction force Fy,q
and ohmic losses Pc,, becomes the main focus of the subsequent optimization,
from which a Pareto-front has to be expected.

3.3 FEM Machine Optimization

This section discusses the FEM optimization conducted on a 2D parameterized
model of the candidate TLA topology. The trade-offs that appear by exploring
the design space are highlighted, leading to the selection of the final design.
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3.3.1 2D FEM Model

A TLA can be conveniently studied with a 2D axisymmetric FEM model.
However, this does not allow to investigate the radial attraction forces, as they
only appear when the mover and stator axes are misaligned. Therefore, a 2D
Cartesian model (i.e., with no assumed symmetry) is used instead, comprising
the full cross-section of the TLA as shown in Fig. 3.5 (a). This way, it is
possible to obtain both the axial and radial forces acting on the mover with a
single magnetostatic 2D model, avoiding to use a 3D one with considerably
higher simulation effort. Nevertheless, it is necessary to verify that the results
of the 2D Cartesian model approximate well the ones from the corresponding
2D axisymmetric or 3D models. Specifically, the results from the 2D Cartesian
model need to be scaled correctly, as shown further, as they are returned per
1m of length along the y-direction.

Model Definition

The model is parameterized as indicated in Fig. 3.5 (a). The model parameters
are summarized in Tab. 3.1. In order to keep the simulation effort to a
minimum, the materials used in the model are simplified. The stator core

Tab. 3.1: Parameters of the FEM model. The optimization parameters are indicated
with ‘Opt’ and reported in Tab. 3.2.

Name Symbol Value Unit
Relative permeability (core) Ly 4000

Mag. saturation threshold (core) Bgat 22 T
Copper conductivity (with fill factor)  ocus 3.4 MS/m
Fill factor kg 0.6

PM coercitivity H, 1000 kA/m
Relative permeability (PM) LpM 1.05

Pole shoe coverage Kshoe Opt

PM coverage kpm Opt
Magnetic gap length dag Opt mm
PM thickness dpm Opt mm
Copper layer thickness dcu Opt mm
Iron-copper ratio kFecu Opt

Stator core thickness dre Opt mm
Back iron thickness dpi Opt mm

33



Chapter 3. Linear Actuator Design and Verification

in = NI cos(9)
ip, = N1 cos(d + QT’T)
ic = NI cos(¥ — 2?")

v = %zmov
--- Saturation Checks
— 9
20 |16
1.6 5|43
B2 Eldo
Qs M3
~
0.4 -6
() 0 9
__50
Z.
=40t
3
k30

—0— NI =120 At
—O0— NI =0 At

[\
=]

Axial Force
—
<=

8 6 4 -2 0 2 4 6 8
(b) Axial Position zmey [mm]
Fig. 3.5: (a) 2D FEM Cartesian model of the TLA for an exemplary design, with
indicated parameters in the upper half and solved B and J fields in the bottom half
(Ansys Maxwell). By modeling the full section of the TLA, it is possible to obtain both
axial and radial forces acting on the mover with one model. (b) Exemplary axial force

profiles for the cases NI = 120 Aturns, giving the total axial drive force Fay(z) and
NI = 0 Aturns, giving the axial cogging force component Feogg ().

and the mover back iron are made of a linear, ferromagnetic material with
4y = 4000 and negligible electrical conductivity. Consequently, the results
have to be checked for potential magnetic saturation of the material, that
occurs in practice for too high values of the B field (e.g., > 1.6 T for electrical
steel). The coils are modeled with a solid copper cross section, i.e., with a
single turn, for simplicity. In order to take into account a realistic fill factor of
kg = 0.6, the copper material is modeled with a reduced conductivity oc, g =
kg ocy = 3.4MS/m. Finally, for the PMs a coercitivity H. = 1000 kA/m is
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assumed, which approximately corresponds to the N5o magnetization grade
of commercial NdFeB PMs. As a Cartesian model is used, the magnetization
direction is along the x-axis. In order to obtain the correct machine constant,
the current excitations are assigned to the coils as indicated in Fig. 3.5 (a). In
particular, the electrical angle J is tied to the axial position of the mover z;qy
in order to generate the maximum force per ampere (MFPA) with FOC for all
axial positions. This way NI corresponds effectively to the amplitude of the
force-generating g-current component.

Simulation Outputs and Scaling

The outputs of the magnetostatic 2D FEM simulations needed for the subse-
quent machine optimization are the maximum radial attraction force Frad max.
the axial force F,y generated for the current amplitude NI (from which the
machine force constant k;; = Fyx /f can be derived) and the corresponding
ohmic losses Pc, in the winding. High-frequency-copper losses are neglected
since the machine will be fed by an inverter with LC-output filter, providing
quasi-sinusoidal low-frequency currents. Due to the low-frequency opera-
tion, also the core losses Pre are neglected in a first step. For the maximum
radial attraction force Fiagmax, the mover is displaced in the x-direction by
Xmov = dbg = 140 um. The simulation returns a force per unit length (i.e., 1m)
Fi sim acting on the mover along the x-direction. By comparing it with the
results of the corresponding 3D FEM simulations, it is found that the total
radial force is well-approximated (matching within 1.5 %) as

Frad = (”rmov/z) Fx,sim, (316)

i.e., with a scaling factor equal to a quarter of the mover circumference.
Similarly, the generated axial force per unit length F, g, is compared to both
the corresponding axisymmetric 2D and 3D FEM simulations. In this case,
the scaling factor corresponds to half of the mover circumference, hence the
total axial force is

Fax = (mmov) F sim (3~17)

which matches within 1.4 % to the results of the 2D axysimmetric model and
2.4 % for the 3D. Note that F,n is obtained for the case xyov = 0, i.e., for
a radially centered mover. The two scaling lengths used in (3.16) and (3.17)
can be explained as follows. As the axial force acts in the same way over the
whole mover circumference, the full 3D results are obtained by revolving the
Cartesian 2D model by 180°. The radial attraction forces instead are not acting
equally along the whole circumference, as already sketched in Fig. 3.2 (b). It
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can be approximated that the components acting along the top and bottom
quarter of circumference cancel each other out and only the ones acting on
the left and right sides contribute.

If the parameter zy,oy is varied in the range [—zsyk, Zsuk ], the axial force
profile in Fig. 3.5 (b) is obtained. As expected from (3.3), the generated force
reduces approximately linearly with |zmev|, as the active machine length
Licterr reduces. For a maximally displaced mover, i.e., |Zmov| = Zsuk, the
generated force is only about 1 — |zgyi| /lact = 2/3 of the maximum force
Faxmax = Fax(Zmov = 0). For Ni=o, only the cogging force component Feoge
appears, also reported in Fig. 3.5 (b). Thanks to the pole shoes, its amplitude
is small, i.e., only ﬁcogg ~ 1N.

The FEM simulation also returns the ohmic losses in the LA winding. These
are obtained for the assigned currents i,, i, and i, with thest = 120 Aturns
in this exemplary case. This is the current amplitude needed to generate
the peak force Freqpeak = 43 N and is hence not needed continuously during
the whole operation period. Therefore, in order to find the (instantaneous)
losses profile versus time Py (), it is necessary to combine the required force
profile Freq(t) of Fig. 2.4 with the obtained force profile from FEM Fy,(z) in
Fig. 3.5 (b). In Fig. 3.6 (a), F.x(z) is adapted versus time as Fyy () according
to the motion profile z(t) in Fig. 2.4 and shown for Nlest = 120 Aturns. This
way, the required current amplitude N freq is determined as

Freq ( t) 2
Nlest,
Fu(t)

Nfreq(t) = (3-18)
and is exemplarily shown in Fig. 3.6 (b), together with the resulting phase
currents. From this and with the simulated single-turn resistance Ry, one gets
the losses profile

Pcy(t) =3Rg (NIreq(t))z (3.19)

reported in Fig. 3.6 (c), of which the average Pcy,avg is considered.

3.3.2 Three-Steps Optimization Procedure

The parameterized 2D FEM model can now be used to perform the machine
optimization. For this purpose, the model parameters are swept as reported
in Tab. 3.2. In order to keep the design space compact and avoid prohibitive
simulation times, the parameters are divided into three groups and the opti-
mization is performed in three steps. In a first preliminary step, the parameters
kshoe and kpys are swept on a test design. As it will be shown, it is possible to
fix them beforehand independently. In a second step, the main optimization
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(c) 0 f /
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Time [s]

Fig. 3.6: (a) Comparison between the generated force Fyx () for a fixed test current
Niiest = 120 Aturns as obtained from the FEM simulations and the required force
profile from Fig. 2.4, here smoothened. (b) Required current amplitude N freq(t) and
resulting realistic (single-turn) phase currents if,p ¢} (). (c) Instantaneous ohmic
losses Pcy, {ab,c} (t) corresponding to the currents in (b) for the simulated single-turn
resistance Ry = 330 uQ. The continuously dissipated power is the average of the total
losses Pcy(t).

parameters are swept. They are expected to have the most noticeable effects
on the desired outputs and are hence explored in detail. Among these there
is in fact the thicknesses of the permanent magnets dpy;, the copper layer
dcy and the magnetic gap length dag, as well as the iron-to-copper ratio kgecu.
Note that also the case kgecy = 0 is considered, which corresponds to the
slotless stator designs. In a third step, i.e., after the main design space is
obtained and a design is selected, the third group of parameters is adjusted.
The thickness of the stator core dp. or of the mover back iron d,; have a limited
impact on the inspected outputs. They do not significantly change e.g., the
generated force nor the reluctance forces, especially with the assumed linear
magnetic material. Therefore, they are chosen only to guarantee that no
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magnetic saturation occurs in the stator nor the back iron. As these two pa-
rameters do influence the resulting mover mass and actuator volume, though,
in the second step they are assigned as dpe = dp; = 2dpy. The three-steps
optimization procedure can be summarized by the diagram of Fig. 3.7.

Step 1: Preliminary Fig. 3.8

a. Sweep Group 1 params Kkghoe kpm _’ l

b. Select opt. values
Step 2: Exploration Design Space
a. Fix test current N liest

b. Sweep Group 2 params k
c. Scale FEM results L

dag dPl\/[

Step 3: Avoid Saturation Fig. 3.10

a. Sweep Group 3 params dpe dpi N _— j‘[\«,;,

b. Select opt. values

Fig. 3.7: Flow diagram showing the three-steps FEM-based optimization procedure of
the TLA.

Tab. 3.2: Swept optimization parameters.

Name Symbol Range Step  Unit
Group 1

Shoe coverage kshoe [0.5, ..., 0.9] 0.05

PM coverage kpm [0.6, ..., 0.9] 0.05
Group 2 (Main)

Magnetic gap length dag [1 ..., 2] 0.5 mm
PM thickness dpm [1, ..., 3,5] 0.5 mm
Copper layer thickness dcy [2, ... 6] 1 mm
Iron-Copper ratio krecu [0, ..., 0.8] 0.2
Group 3

Stator core thickness dre [2, ..., 5] 0.5 mm
Back iron thickness dp; [2, ..., 6] 0.5 mm
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3.3.3 Optimization, Design Space and Selected Design

The results from the first (preliminary) optimization step are reported in
Fig. 3.8. Asit can be seen in Fig. 3.8 (a), the shoe coverage kg has a limited
impact on the generated axial force, but a clear beneficial effect in reducing
the cogging force amplitude ﬁcogg. Therefore, ke should be selected as large
as possible. However, note that if the distance between two pole shoe edges
is comparable to the air gap length d,, fringing effects start to appear, which
worsen the machine constant and should hence be avoided. For this reason, it
is found by inspection of the FEM fields that kgpoe = 0.8 is an adequate choice.
For what concerns kpy;, one can observe that the impact on the axial force
is much more prominent, which is expected (see (3.9), Fig. 3.4 (b) and the
discussion thereof in Sec. 3.2.4). The only motivation to reduce kpy is given
by the very high magnetic flux density in the mover back iron, resulting if
no gap is left between the PMs with opposite polarity. By inspection of the
solved fields, a value around kpy = 0.8 is reasonable. Finally, kpy = 0.83 is
chosen, as this results in a PM length of lpy; = 10 mm, which is a convenient
size to manufacture and/or to find commercially.

The design space generated by the second (main) optimization step with
3 X 6 X4 x5 = 360 parameter configurations is explored with the aid of
Fig. 3.9. Each design is initially simulated with a fixed test current N ftest =
120 Aturns, which results in a certain generated maximum axial force Fyy max-
For a direct comparison, the results of each design are then scaled to the
same axial force output Freqpeak = 43 N. Such force is reached for a scaled

current Nl = (Freq,peak / Faxmax) N Liest = kscal Ltest, which implies that the
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(a) Shoe coverage kshoe (b) PM coverage kpm

Fig. 3.8: Results of the first (preliminary) optimization step. (a) Effect of the shoe
coverage factor kg on the axial drive force Fix and the cogging force amplitude
I:"mgg, relatively to the case kg0 = 0.5. (b) Effect of the PM coverage factor kpy on
the axial drive force Fyy, relatively to the case kpy; = 0.6.
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3.3. FEM Machine Optimization

Tab. 3.3: Feasible LA designs under the specified constraints.

# dag dpm dcy krecu Frad Pcy Mmov
1) 15mm 2mm 6mm 04 244N 8.0W 129g
2) 2mm 3mm 6mm 04 18.6N 88W 174g
3) 2mm S5mm 6mm 04 209N 7.0W 241g

average ohmic losses have to be scaled as Pcy scal = kszCal Pcy. In Fig. 3.9, the
design space is visualized on the Pcy-F,q plane, which represents the most
relevant design trade-off. On this plane, it is also possible to distinguish quite
clearly the effect of the swept parameters. The ‘magnetic’ parameters d,; and
dpym have the most noticeable effect on both F,,4 and Pc,. This is expected,
as they directly determine the magnetic flux density in the air gap By, (cf.
(3.8)), with the consequent trade-off discussed in Sec. 3.2.4. The designs
can be conveniently divided according to the value of d,; into three groups.
Furthermore, the points sharing the same parameter configuration except for
dpy are connected. The magnetic gap length dg affects By as it increases the
equivalent reluctance of the magnetic circuit, with the result that the magnetic
flux ¢, is lower. The extreme case is represented by the group of slotless
designs, which due to the absence of stator teeth have the largest magnetic
air gap. Consequently, these designs exhibit very low radial attraction force,
but also comparably high losses. For instance, the best slotless design can
not achieve the required force with less than P, = 21.8 W and only for very
thick/heavy PMs (dpy = 5mm). The thickness dpy instead affects B,g by
increasing the PM’s MMF 6pyi = Hc dpy, and hence the magnetic flux ¢,.
Nevertheless, it also introduces an equivalent series reluctance comparable to
air (4 = 1.05), which at a certain point counterbalances the increased MMF
(cf. again (3.8)). The ‘copper-related’ parameters dcy, and kpecy only affect
Pcy instead, as they determine the copper cross section Acy (cf. (3.14)). For
instance, consider a group of designs connected by a dashed line. Decreasing
the value of dc, and/or increasing the value of kpecy decreases Acyo and
hence scales the group towards the right along the Pcy-axis. Clearly, there
is two limits to consider in this regard. On one hand, dc, is limited by the
maximum outer diameter of the LA (and also the thickness of the stator core
dre has to be included). On the other hand, smaller values of kg.c, make the
stator teeth thinner, to the point that the magnetic flux density is too high
and the material saturates.
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Fig. 3.10: Results of the third optimization step. (a) Average magnetic flux density
for the six different locations in the stator core indicated in Fig. 3.5 (a) (above each
slot) versus the thickness dpe. (b) Average magnetic flux density at the middle of the
mover back iron versus the thickness dj;.

With the limit in average losses Pcymax and radial attraction force Fradmax
and by excluding the cases with magnetic saturation, only the three feasible
designs listed in Tab. 3.3 remain. The design with the least copper losses and
radial attraction force is Design 3. Nevertheless, the resulting mover mass is
the highest. As the copper losses have to be minimized, but a radial attraction
force up to the limit can be tolerated, Design 11is finally selected, which has
almost half the mass.

With this choice, it is finally possible to complete the optimization with
the third step, ensuring that no magnetic saturation occurs. The parameters
dre and dy; are swept and the resulting average magnetic flux densities in the
stator core (above every slot) and the mover back iron (in the middle) are
shown in Fig. 3.10. It can be observed that it is possible to save volume and
weight for both stator and mover by using a magnetic material with high
saturation flux density, like e.g., VACOFLUX50. Considering the threshold
Bgat = 2.2 T (with a little margin from it), the values dp. = dp; = 3.5 mm are
selected.

3.4 Hardware Prototype

This section describes the hardware prototype of the selected LA design and
the test bench needed to conduct its experimental verification, highlighting
the practical realization choices made.
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3.4.1 Stator Realization
Stator Core

In order to greatly simplify the stator manufacturing and assembling, the
stator core is segmented along the axial direction into multiple identical rings
like the one shown in Fig. 3.11 (b). As it can be seen from the reported
cross section in Fig. 3.11 (a), the length of each segment corresponds to a
stator pitch 7, = 4 mm, spanning exactly the width of one tooth and two half
slots. This way, it is possible to machine the ring down to the desired tooth
thickness of Ize = 1.6 mm and also realize the thin pole shoe solidly together
with the tooth. Furthermore, this shape allows to insert and firmly hold in
place a single coil between two stator rings. The material used is the desired
VACOFLUXj50, whose magnetization curve is measured experimentally on a
toroidal sample [48] and reported in Fig. 3.11 (¢). From this, it is possible
to estimate the worst-case core losses, i.e., assuming that all the material
experiences the full variation of magnetic flux density with amplitude AB =
2T. The encircled area on the B-H plane, multiplied by the volume of the
stator core and fop, = 5Hz results in Pre = 3.18 W. Nevertheless, due to the
machine geometry and operation, the FEM simulations show that no part of
the stator core experiences such large swing in B, but rather AB ~ 1T with
a Bpc = 0.5T DC bias is a more realistic average approximation. For the
sake of simplicity, the DC bias is hereby neglected, otherwise a displacement
factor [48] needs to be considered. According to the dependence of Pp. on
BP with 2 < 8 < 3 in the Steinmetz equation, the core losses will be at least
lower than Pg. = 0.8 W.

Coils

The coils are custom-made as well (cf. Fig. 3.12 (b)), with the aim of maxi-
mizing the fill factor kg of the chosen copper cross section. Importantly, the
selection of the number of turns N takes into account the specifications of the
inverter driving the LA. This is compactly realized based on the IC MP6535 by
Monolithic Power Supply. The maximum current that this module can supply
iS iny lim = 5 A and the maximum allowed DC-link voltage is Upcmax = 26 V.
A larger N reduces the inverter current finv and is therefore beneficial as
the conduction losses of the inverter’s switches are also reduced. Neverthe-
less, the induced voltages tq (ab,c} = N ug (ab,c}1 increase to the point that
it might not be possible to impress the necessary current during operation.
In fact, by simple inspection of the equivalent circuit in Fig. 3.12 (a) and
considering that the LA is realized with two coils in series per phase, the
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Fig. 3.11: Realized hardware prototype of the TLA. (a) Stator cross section with anno-
tated dimensions. (b) Realized stator ring made of VACOFLUXj50. (c) Magnetization
curve of VACOFLUX50, measured on a toroidal material sample at fop, = 5Hz with two
windings. One is used to impress the sinusoidal magnetizing current and the other
one to measure the induced voltage, which is then integrated and divided by the cross
section of the sample.

applied phase voltages need to be t(zpc} = 2 Rc ifabc} + 2 Ug {abc)- Note that
the voltage drop on the inductance L. is neglected due to the low operating
frequency f,, = 5Hz. The inverter can only provide a maximum voltage
Ufab,c}max = Ubcmax/2 = 13 V. In order to check that this limit is respected,
the single-turn flux linkages 1/, b.c},1(t) of each coil are obtained from the FEM
simulations and their time derivative is considered, showing that a maximum
voltage of Uy max = 27 mV is induced per turn. The number of turns that can
be fitted by the manufacturer with a 0.40 GiB coated wire in the given cross
section is N = 75. The resulting fill factor is kg = 0.53, the inverter current
is finy,max = 2.2 A and the maximum induced voltage is Uymax = 4.05 V. This
results in a maximum phase voltage Uy, c}.max = 11.9 V, which leaves some
margin from the inverter limit. The electrical characteristics of the coil are
measured and reported in Fig. 3.12 (c). The DC coil resistance is R, = 2.16 Q.
The inductance is measured for three different conditions, i.e., in air and when
mounted on the stator without and with mover inserted. The last case is the
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Fig. 3.12: Realized hardware prototype of the TLA. (a) Equivalent circuit of a stator
coil, consisting of the resistance Rc, the inductance L¢ and the induced voltage ug (a,c} -
(b) Realized stator coil made of a 0.40 G1B coated copper wire with N = 75 turns. (c)
Measured electrical characteristics of the realized stator coils versus frequency, using
an impedance analyzer (Omicron Lab Bodeioo). Three cases are compared: in air, in
stator without and with mover. The curves show that high frequency effects (eddy,
skin and proximity) appear.

one to be considered to tune the current controller. The final stator assembly
with the realized stator core rings and coils can be seen in Fig. 3.13 (a).

3.4.2 Mover Realization

The mover consists of the back iron and the PMs. The former is also made of
VACOFLUXj50 and is built from two simple rings with the dimensions indicated
in Fig. 3.13 (b). The radially magnetized SPMs are not only quite fragile if
realized as a single ring-shaped piece, but also extremely difficult/expensive
to manufacture with the correct magnetization direction. For this reason,
multiple small, axially magnetized, rectangular PMs are used. They are glued
on the outer surface of the back iron, one adjacent to the other as shown in
Fig. 3.13 (b). Their thickness is the chosen dpy; = 2 mm and their width is
wpym = 4 mm. The magnetization grade is N50. Such PMs are commercially
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Fig. 3.13: Realized hardware prototype of the TLA. (a) Overall stator assembly with
stacked segments equipped with coils. (b) Realized mover with two stacked back iron
rings and segmented PMs. Each segment is wpy; = 4 mm wide and lpy; = 10 mm long.

available and rather inexpensive to purchase, and they well-approximate the
desired magnetization profile. The correct polarity of each PM is verified
during the gluing process with a magnetometer. The final weight of the mover
is Mpyey = 148 8.

3.4.3 Experimental Test Bench

In order to verify experimentally the functionality of the realized LA prototype,
a custom multi-purpose test bench is built. There are two possible variants,
shown in Fig. 3.14: one that can be used to measure axial forces and one that
is specifically needed to measure the radial attraction force.

Axial Force

In order to measure the axial force, the TLA is mounted as in Fig. 3.14 (a).
The stator is firmly held in place with a clamp fixture directly mounted to
the baseplate. The mover is mounted on a shaft and can only move along the
axial direction. The shaft is supported on the two sides by teflon bearings for
minimum friction. At the end of the shaft there is a linear positioning stage on
which a force sensor (Rokubi, BOTA Systems) is mounted. To prevent the effect
of unwanted backlashes coming from the linear positioning stage during
measurements, the shaft and the force sensor are not connected together.
Instead, the axial force is measured by energizing the TLA and pushing with
the sensor against the shaft of the mover.
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Fig. 3.14: Experimental test bench. (a) Variant for axial force measurements with fixed
stator and movable mover along the axial direction. (b) Variant for radial attraction
force measurements with fixed mover and movable stator along the radial (x- only)
direction.
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Radial Attraction Force

For this measurement, it is necessary to adjust the radial position of the mover,
so it can be displaced away from the center of the machine. It is decided to
fix the mover (also axially) and adjust the stator position instead. Therefore,
the stator clamp is adapted as shown in Fig. 3.14 (b) and mounted on two
linear guides, which constrain the radial movement horizontally (along the
x-axis). This time, the linear positioning stage and the force sensor are placed
on the side of the movable stator clamp.

3.5 Experimental Verification

The experimental measurements conducted on the hardware prototype of the
LA are reported in this section. The verification includes measurements of
the radial attraction force and the profile of the drive force along the axial
direction. From the latter, the machine constant ky, is obtained.

3.5.1 Radial Attraction Force Measurements

In order to measure the radial attraction force, the LA is mounted on the
corresponding test bench (cf. Fig. 3.14 (b)). It is ensured that the axis of the
mover is well-aligned with the axis of the stator, especially in the y-direction.
The x-position is adjusted in steps of 10 um and for each position the output
of the force sensor is recorded for 10 s and averaged. The measurements are
reported in Fig. 3.15 for positive displacements in the x-direction. This is
because the linear positioning stage can sustain a high load force only in one
direction. It can be observed that the measured values are in good agreement
with the simulated ones. They are obtained from a full 3D FEM simulation
with the non-linear material definition for VACOFLUXj5o0. It can be seen that,
for the maximum displacement X,y = 140 um, the obtained radial attraction
force is F,g = 23.8 N, which is in agreement with what is expected from the
design space.

3.5.2 Machine Constant - Axial Force Profile

The measurements of the axial force profile are carried out using the test
bench of Fig. 3.14 (a). The mover is initially positioned at z;,o, = 10 mm,
i.e,, at one end of the LA. Then, a g-current with constant amplitude i=1A
is impressed and controlled in the winding. The phase currents i,y .} fed
by the inverter are determined from the electrical angle ¢ for MFPA, hence
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Fig. 3.15: Radial attraction force F,,q versus the mover’s radial position xmey. For
comparison, the simulated forces from the corresponding 3D FEM model with realistic
non-linear material definitions for VACOFLUXj50 are reported.

for each axial position of the mover zy4y, 7 = l L zmov 1S assigned. At this
point, the mover is slowly pushed inside the LA “With the help of the linear
positioning stage, till it reaches zy,0y = —10 mm, i.e., the other end of the
actuator. During the process, the force sensor is in contact with the shaft on
which the mover is mounted and measures the axial force F,x pushing against
it. Simultaneously, the position of the mover is measured with a laser distance
sensor (Baumer OM70-Po140) and recorded. With this method, the points of
Fig. 3.16 (a) are obtained. The values of the measured forces are equivalent
to the machine constant ky,, as the impressed current amplitude is unitary.
If the measured machine constant is compared to the results of the full non-
linear 3D FEM simulations, it can be seen that they are in agreement, with an
average absolute error of 3.2 % over the whole profile, with slightly higher
values for the negative zy,o,-axis (peaking at 7.7 % for zpo, = —7 mm). Also
the reduction of ky, with |zy0v| to 2/3 of its value at zp,oy = 0 mm is verified.
Moreover, the cogging force component is visible from the measurements
and its amplitude can be estimated to be ﬁcogg ~ 1N. Most importantly, with
the measured ky, it is possible to calculate the instantaneous copper losses
and their average over one period of operation with the same procedure
discussed in Sec. 3.3.1 and Fig. 3.6. The result is a continuous copper power
loss of Pcyavg = 7.9 W. Adding the estimated core losses Pre = 0.8 W and
comparing to the required mechanical output power Prechavgra = 3.6 W, an
efficiency of 7o = 41.4 % is obtained. Finally, another aspect to verify is the
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Fig. 3.16: (a) Axial force profile measured for [ = 1A (corresponding to the machine
constant k) compared to the values obtained by the non-linear 3D FEM simulation
with NI = 75 Aturns. (b) Linearity of the measured axial force versus the impressed
current amplitude at different axial positions of the mover.

linearity of the generated axial force with respect to the current amplitude.
Fig. 3.16 (b) shows the force measurements at different axial positions for
increasing values of the current amplitude in steps of 0.25 A till [ = 2 A. This is
the maximum value that the inverter can continuously sustain due to thermal
limitations. For all measured cases, the maximum percent non-linearity does
not exceed 2 %.
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3.6 Summary

In this chapter the analysis, design, realization and experimental verification
of the LA of the ShuttlePump were presented. With the realized compact
hardware prototype it is possible to meet the axial force requirements (up
to 43N peak) with 7.9 W of continuous power losses, which is below the
specified limit of 10 W and hence prevents the risk of blood damage due
to heating. Furthermore, the measured maximum radial attraction force of
23.8 N acting on the mover is within the specified allowed radial load of the
hydrodynamic bearing supporting the piston during operation. The next step
is the design and realization of the RA part.
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Chapter Abstract
This chapter presents the details of the Rotary Actuator (RA) part of the ShuttlePump. This

has considerably lower output power requirements (about 100 mW) due to the low operating

torque and angular speed (3.1mN m and up to 300 rpm, respectively). However, the RA is
highly constrained spatially, as it needs to be integrated very close to the previously realized
LA. This forces a Permanent Magnet Synchronous Machine (PMSM) design with a rotor only
partially equipped with PMs and stators covering only half of the total circumference, which
introduces a considerable cogging component to the total torque. The proposed PMSM is
hence optimized using Finite Element Method (FEM) simulations to select a final design with
low power losses and low cogging-induced angular speed ripple. The machine is realized as
a hardware prototype, and the experimental measurements confirm that the proposed RA
can meet the continuous torque requirement with 324 mW of power losses. The successful
implementation of the RA (and LA) finally verifies the practical feasibility of the integrated
LiRA and provides the basis for a comprehensive test of the complete ShuttlePump in a

| hydraulic test rig in the course of further research. |
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4.1 Introduction

This chapter moves a step further in the development of the overall LiRA
and drive system by presenting the design, realization, and experimental
verification of the Rotary Actuator (RA) part of the ShuttlePump. As the RA
has the important yet auxiliary function of providing a constant rotation of
the pump’s piston, it needs to be accommodated in the remaining available
volume close to the LA. The chapter is structured as follows: Sec. 4.2 defines
the constraints and requirements for the RA. Based on these, Sec. 4.3 explains
the proposed machine concept, and the appropriate machine topology is
selected. The design is then optimized using FEM simulations in Sec. 4.4 and
the interactions with the LA are investigated. Sec. 4.5 provides details about
the realized hardware prototype of the RA, which is verified experimentally
with the results of Sec. 4.6. Finally, Sec. 4.7 concludes the chapter.

4.2 Spatial Constraints and Requirements for
the RA

An inherent characteristic of the system is the high imbalance in the me-
chanical output power required from the LA and the RA. In particular, due
to the high axial force required to push the blood into circulation, the LA
requires PrpechavgLa = 3.6 W on average during operation. In contrast, for the
RA, the continuously required axial torque, obtained from CFD simulations,
is Mreq = 3.1mNm [26] and it is relatively low. Together with a rotational
speed Wopmax = 27 fopmax = 31.42rad/s, it results in an average mechanical
output power of only Prechavgra = 98 mW. Consequently, it was decided
to design the two actuators independently, prioritizing the LA instead of
selecting a combined LiRA topology [49-51]. Therefore, as can be seen by
comparing together Fig. 1.3 (b) and Fig. 1.3 (c), most of the available volume
is utilized by the LA. The RA has to be accommodated in the remaining space,
highlighted in Fig. 4.1. Both actuators consist of a fixed stator hosting the
machine winding and a moving part equipped with PMs. For the sake of
clarity, in this chapter, the moving part of the LA is denominated the ‘transla-
tor’, whereas the moving part of the RA is the ‘rotor’. Together, they build
up the ‘mover’ of the LiRA, which is embedded in the moving ‘piston’ of the
ShuttlePump. The term mover refers to the magnetic element that interacts
with the stators of the LiRA, whereas the term piston refers to the complete
mechanical/hydraulic element (i.e., including the blades). The maximum outer
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Fig. 4.1: Sectional view (yz-) of the ShuttlePump, showing its enclosure and specially
shaped piston with annotated dimensions, reported in Tab. 4.1. Also the designed LA
is visible, consisting of the stator (with the machine winding, around the enclosure)
and the ‘translator’ (with PMs, embedded in the piston) [27]. The yellow area indicates
the available space that can be used to fit the RA. Importantly, the stator extensions
of the LA can also be used for this purpose.

diameter of the RA is limited as for the LA to dyy; = 70 mm. Nevertheless, if
possible, a design with a smaller diameter should be preferred, as it makes
the overall system easier to implant. The stator of the RA will have to be
placed on either side of the ShuttlePump or on both, within the maximum
axial length of I,y = 105 mm. Importantly, the stator extensions of the LA can
also be modified for this purpose. The rotor of the RA will have to use the
available surface of the piston, i.e., not already occupied by the PMs of the
LA.

Compared to the LA, the requirements on the RA are less stringent al-
together. Concerning the power losses, it is surely convenient to minimize
them in order not to generate additional heat in the pump. However, it can
be expected that the losses from the RA will only be a small share of the total.
Moreover, the candidate locations for the RA are more favorable in terms of
heat dissipation. In fact, unlike the thin blood layer right in the magnetic
air gap of the LA, the two chambers host a large blood volume that continu-
ously circulates through the pump, which is much more favorable for cooling.
As a design guideline, a loss budget of Pcyra max = 0.5 W is defined, which
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Tab. 4.1: Specifications of the ShuttlePump, extended from [27].

Name Symbol Value  Unit
Maximum axial dimensions lax 105 mm
Maximum radial dimensions dout 70 mm
Piston axial length I 78 mm
Piston outer diameter d, 48.72 mm
Inter- in-/outlets distance Inid 40 mm
Enclosure thickness (lateral) dencl 0.5 mm
Blood gap dyg 140 um
Magnetic gap dagmin 1 mm
Axial stroke amplitude Zstrk 8 mm
Maximum axial force Freqpeak ~43 N
Axial torque Mieq 31 mNm
Maximum radial force Frad max 25 N
Piston weight Mmov <300 g
Piston frequency fop 1.5-5 Hz
Piston rotational speed Qop 90-300 rpm
Maximum speed ripple AQqp <20 %
Operating conditions 25-9 L/min
Maximum Av. Cont. Losses  Pcyavgmax 10 W
Blood temperature increase ATax 2 K

corresponds to 5 % of the maximum allowed losses Pcyavgmax. Analogously,
eventual magnetic pull forces that act radially on the rotor and disturb the
hydrodynamic bearing are not considered, as they are negligible compared
to the ones already introduced by the LA. Finally, certain RA designs can
introduce cogging torque components due to, e.g., a slotted stator or edge
effects. This leads to a certain speed ripple AQ, which, however, is uncritical
as long as Meq = 3.1mN m is provided on average. Considering further that
the RA will be operated with an angular speed controller, an open-loop speed
ripple up to 20 % of the operational speed Q,, can be allowed. This aspect is
discussed more in detail in Sec. 4.3.3, once the RA concept and topology are
defined.
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4.3 Proposed Machine Concept

This section presents the proposed machine concept for the RA, according to
the considered spatial constraints. Similarly to the LA, this is also based on a
PMSM with surface-mounted PMs. To keep the system’s complexity as low
as possible, the number of phase currents of the RA will be limited to three.
Together with the three phase currents of the LA, the complete LiRA features
a total of six phase currents.

4.3.1 Placement of the RA PMs and Stators

Given the tight space constraints and the geometry of the ShuttlePump, it is
decided to realize the RA out of two modules, located on the two sides of the
pump. This way, the total functional volume of the RA can be more evenly
distributed around the pump compared to when a single RA module is used.
Considering the presence of the pump’s inlets and outlets, there are two main
placement options for the two RA modules, illustrated in Fig. 4.2.

The first option is to place them towards the outer sides of the pump,
as shown in Fig. 4.2 (a). Although this way, most of the lateral surface
of the two piston blades can be used to place the rotary PMs, there is one
important drawback to consider. With this asymmetric design, there are two

LA Stator = LA PMs M RA Stator RA PMs m ECS PCB

RA1

H RA2 RA1 RA2

e L

(a) (b)

Fig. 4.2: Two possible placement options for the two RA modules. (a) Option 1:
towards the outer sides of the ShuttlePump. This option introduces an undesired tilting
torque M;j; due to unbalanced reluctance attraction forces at the two sides of the
piston. Furthermore, the RA stators could disturb the Eddy-Current Sensors (ECSs)
mounted on the sides. (b) Option 2: towards the middle part of the ShuttlePump. With
this option, a symmetrical design is possible, thus preventing any undesired tilting
torque.
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unbalanced net reluctance forces (acting between the PMs on the piston and
the facing rotary stators, as indicated) along two off-set planes, which cause an
undesired tilting torque Myy;. For small air gaps of the RA (typically beneficial
for efficient machine designs), the magnetic attraction forces are strong, to
the point that M could compromise the pump’s operation. One possible
workaround would be to choose a machine design with a large magnetic air
gap (e.g., slotless), which, however, would require higher ohmic losses and/or
a larger stator volume for the same torque output. Finally, another aspect
to consider is that the chosen location for the linear-rotary position sensors
will be on the two sides of the pump [52]. Due to their eddy-current-based
operating principle, no conductive material besides the piston-embedded
measurement target is allowed in close proximity.

The second option overcomes the aforementioned drawbacks and is there-
fore the selected RA concept. As shown in Fig. 4.2 (b), both modules are
placed towards the middle part of the pump, i.e., right adjacent to both sides
of the designed LA. The first and foremost advantage is that the stators of the
RA can thus be integrated into the stator extensions of the LA. This allows to
beneficially reuse the excess core material that has to be placed anyway to
guarantee the functionality of the LA. The result is a highly compact LiRA de-
sign with a substantially lower total weight. The second important advantage
is that this design can be made symmetric, thereby eliminating the undesired
tilting torque My;. In fact, in the middle part of the piston, it is possible to
place the rotary PMs symmetrically around the lateral surface.

Considering the limitations in space seen in Fig. 4.1, the PMs are finally
placed as shown in Fig. 4.3 (a), i.e., only at four equally spaced locations
around the circumference of the piston. The PM segment at location A is the
most constrained and can only span an angle of apy; = 45°. The maximum
axial length that can be fitted there sets the axial length of the rotor and is
limited to Ipy = 5 mm. The PM segment at location B, instead, can only span
an angle of app 2 = 25°. The PM segments at locations C and D are symmetric
with respect to the z-axis to the ones at locations A and B, respectively. As a
consequence of the PM locations, the rotary stators are placed as shown in
Fig. 4.3 (b). As it can be noticed, most of each rotary stator is integrated into
the stator extensions of the LA. To cover also the rotary magnets during the
whole linear motion (and prevent unwanted axial reluctance forces), the total
length of the rotary stator is iatra = Zsuk + lpM = 12 mm. Note that due to
the presence of the pump’s inlets and outlets, the stator cannot occupy the
full circumference. As shown in Fig. 4.3 (b), the angle spanned by the stator
is limited to tstat max = 110° on each side of the ShuttlePump.
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Fig. 4.3: Proposed RA concept for the ShuttlePump. (a) 3D view of the piston with
designated locations (A to D) for the rotary PMs (purple), constrained to the limits
apm,1 = 45°, apm2 = 25° and Ipy; = 5mm. (b) 3D view of the enclosure with selected
locations for the rotary stator highlighted in yellow. The stators are mostly integrated
in the extensions of the LA and their length along the z-direction is [star Ra = 12 mm.
Along the circumferential direction, they are constrained to dstat,max = 110° on each
side.

4.3.2 PMSM Topology Selection

In order to make the integration with the LA possible, only PMSM topologies
with a slotted stator and a concentrated winding are considered for the RA.
In fact, the main role of the stator extensions (and the pole shoes) used in
the LA is to maintain approximately constant the total equivalent reluctance
seen by the PMs of the translator while the piston shuttles along the axial
direction. Without them, a strong axial reluctance pull force would appear
as soon as the translator is displaced away from the center of the LA, which
would compromise its operation [27]. With a slotted stator design, the RA
can be integrated into the stator extensions of the LA, preserving its original
air gap length dg,, = 1.5 mm. Furthermore, in order to ensure that the overall
reluctance profile is unchanged, pole shoes with large coverage and sufficient
thickness have to be used. For what concerns the use of a concentrated
winding, it is easily understood that it would greatly simplify the realization
of the RA and its coils, as well as their interconnection with minimum wire
length [53].

Based on these premises, it is possible to select the pole-slot combination
of the RA according to the proposed placement of the stator and the PMs in
Fig. 4.2 (b) and Fig. 4.3. Three criteria guide the selection. First, given that
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the stator is, in fact, split into two halves, it is reasonable to choose an even
number of slots Ns. Second, N should not be too high in order to ensure that
all the parts of the stator (teeth, pole shoes, and coils) are easy to manufacture
and assemble. Third, it is necessary to accommodate the same number of
coils per phase, in order to guarantee that the inverter supplying the RA is
loaded symmetrically. As a result, the most suitable combination is Ny = 12
slots and N, = 8 poles. If the defined space constraints are also considered,
the standard PMSM topology has to be substantially modified, as shown in
Fig. 4.4 (a). In particular, the dashed contours indicate the eliminated parts,
i.e., two stator sectors, as well as most of the PMs. Consequently, it can be
said that the RA module consists of two identical half-machines with N; = 3
slots and N, = 2 poles. Each half-stator covers an angle o, = 90° and
has one coil per phase, each concentrated around a stator tooth. Motors
with partial stator coverage do exist in the literature for highly spatially
constrained applications [54—-56]. The PMs on the rotor will all have the same
(radial) magnetization direction and polarity. Although the PMs of opposite

Fig. 4.4: (a) Proposed PMSM topology for the RA. The standard 8-pole, 12-slot machine
is specially adapted to the space constraints of the ShuttlePump, with the dashed
contours indicating the eliminated parts. The result is two half-stators with three
slots each and a rotor equipped with four magnet segments of only one polarity. (b)
Exemplary machine plan (one half-stator) demonstrating that tangential force (and
hence torque) generation is still possible even if part of the PMs is removed. S(¢) is
the current sheet with its fundamental component S1(¢), otan (@) is the area-related
force density and B,g(¢) is the air gap magnetic flux density with its fundamental
component Byg1(¢). The dashed curves correspond to the standard PMSM topology,
i.e., with full PM coverage.
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polarity are suppressed, it can be shown that force generation is still possible
(similarly, e.g., to consequent-pole machines [57,58]), e.g., by inspecting the
half-machine plan of Fig. 4.4 (b). Furthermore, it is decided to use PMs of
opposite magnetization with respect to the adjacent ones of the LA. As a
consequence, one RA module will have only positively r-magnetized PMs
(‘north’) and the other module only negatively r-magnetized ones (‘south’) (cf.
Fig. 4.5 (a)). This way, the spatial periodicity of the magnetic field distribution
along the axial direction is respected. This measure can potentially increase
the generated axial force due to the interaction between the rotary PMs and
the stator of the LA. Finally, it is ensured that at least a 1 or 2 mm thick layer
of core material is present in the region around the inlets and outlets that
cannot be occupied by the rotary stator. These stator connectors are necessary
to prevent an otherwise prohibitively strong cogging torque. However, as
visible in Fig. 4.5 (a), they need to have round notches (15 mm diameter) in
correspondence with the inlets and outlets locations. As it will be seen in
Sec. 4.4.4 and Fig. 4.11 (a), this inevitably introduces a certain cogging torque
component whenever the PMs are facing the notches during linear-rotary
motion.

4.3.3 Main RA Design and Integration Aspects

In order to guarantee that the proposed RA concept can work correctly and
meet the design specifications, there are a couple of important aspects that
need to be considered.

As the rotor is only partly and irregularly equipped with PMs, a pro-
nounced torque ripple AM,y has to be expected. Two main components can
be distinguished. One is the typical cogging due to the interaction between
the PMs and the two half stators, according to the geometry of their teeth
and pole shoes. The other one, as mentioned, is introduced by the in-/outlet
notches on the stator connectors during linear-rotary motion. AM,y has to be
checked, as it causes a certain angular speed ripple AQ. The transfer between
AM,x and AQ (in rpm) can be very simply modeled in the Laplace domain as
the first order low-pass

(60/2r)

* Jmov

AQ(s) = AMax (s), (4.1)

where s is the Laplace variable and J;,ov is the moment of inertia of the com-
plete mover. This implies that, according to the value of Jiov, AMayx can be
significantly attenuated. For instance, consider a torque ripple fundamental
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AMax1 = Mreq sin(27fyip t), ie., with an amplitude equal to 100% of the re-
quired axial torque M;eq = 3.1mN m. Furthermore, recall that AM,,; exhibits
Neogg = lem(Nj, N;,) = 12 periods per one revolution, and hence frjp = 12 fop.
Already by solely considering the translator mass mmey = 130 g of the pre-
viously designed LA to calculate Jmoy, the largest angular speed ripple is
obtained for fo,min = 1.5Hz, and its amplitude is

~ (60/27)
" 27 (12 fopmin) * Jmov

(o)) Myeq = 4.59 rpm, (4.2)

which corresponds to only AQy, = AAQI/QOp,min = 0.051 = 5.1% of the opera-
tional speed Qqp min = 90 rpm. Therefore, even a pronounced torque ripple
can be tolerated by the RA without compromising its operation, especially at
higher angular speeds. It is then sufficient to ensure that the chosen machine
design does not violate the angular speed ripple specification in Tab. 4.1 for
fopmin = 1.5 Hz. In addition, it should be considered that (4.2) is an open-loop
calculation, but in practice the RA is operated in closed-loop with an angular
speed controller. Depending on the chosen control bandwidth, it can be
shown that the ripple is attenuated even more. Finally, in order to set a design
goal and simplify the subsequent FEM-based optimization, it is decided to
neglect the ripple component introduced by the in-/outlet notches and only
consider the one caused by the interactions between the PMs and the stator
teeth/pole shoes (easier to model in a 2D FEM analysis). At the same time,
the maximum allowed percent speed ripple is reduced to AQg max = 5 %. This
way, the RA is designed for very low torque ripple in the best case for which
the stator notches have no influence. In practice, it is expected that the total
torque ripple will be higher but tolerable, as argued.

It is important at this point to highlight the main trade-off in the RA
design. The torque ripple AM,y is mainly caused by reluctance forces, which,
as such, depend quadratically on the air gap flux density B,,. Therefore, AM,
can be mitigated by reducing By, (e.g., using weaker/thinner PMs or larger
air gap lengths). Conversely, for torque generation, it holds

Min((p) & O-tan((p) = Bag,1(¢7) : Sl((P) o« Bag((p) - Ig, (4-3)

i.e., By, contributes directly, together with the equivalent current sheet S(¢),
to the (tangential) area-related force density o, (@) (cf. Fig. 4.4 (b)). There-
fore, to generate the same torque M;, with the least current Iy (and hence
ohmic losses), B, should be large. This translates into the main design trade-
off, i.e., between angular speed ripple AQ and ohmic losses Pcy.
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Fig. 4.5: (a) 3D view of the proposed RA concept and topology in the context of
the full LiRA. The two RA modules use PMs of opposite polarity with respect to the
adjacent ones of the LA. The two half-stators of each RA module are connected by two
arc segments made of core material in order to prevent strong cogging effects. Due to
the pump’s inlets/outlets, these stator connectors need to be carved with round (@ 15
mm) notches (4 in total). (b) Detailed cross-sectional view of the junction between
the LA and a RA module, where a potential low-reluctance magnetic flux path can be
formed. This can be avoided by introducing a flux barrier with length fj,.

Another crucial aspect is the interaction between the RA and the LA.
In particular, it has to be verified that the two RA modules in tandem can
continuously provide the required torque Mg, also if the linear motion of the
piston is considered. Furthermore, it has to be ensured that the axial reluctance
profile of the LA is truly unaffected by the integration of the RA. Moreover,
as the RA is integrated just adjacent to the LA, it must be guaranteed that
both their magnetic designs are not compromised. For instance, no magnetic
flux path should be created between the two (RA and LA) stators instead
of through the air gap and the respective rotor/translator. With the chosen
topology, a critical location is the one shown in the detail view of Fig. 4.5 (b).
If the bottom side of the pole shoes is in direct contact with the adjacent LA,
a low-reluctance magnetic flux path through the two stators could be created.
In order not to compromise torque generation, the inner side of the pole shoes
is shortened, thus introducing a flux barrier with length dy,.

One last aspect to consider concerns the total power losses, which need
to be kept below the specified loss budget of Pcyramax = 0.5W. Due to the
low operational frequencies f,,, AC losses can be neglected, and hence the
dominant loss component is ohmic. This can be sensibly reduced if the cross-
section of the RA coils is as large as possible. It is also important to consider
beforehand practical aspects of the RA realization, such as manufacturing
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tolerances introducing potential unwanted air gaps or realistic reluctances
along the main magnetic paths of the machine due to the used magnetic
material [59,60]. As it will be discussed in Sec. 4.5.3, they cause a reduction
of the magnetic flux with respect to the predicted/simulated values, with
a consequent increase in the required current and hence ohmic losses, to
generate the same torque. In order to account for these additional compo-
nents, the targeted ohmic losses for the following FEM-based optimization
are Pcyra = 0.1W at most.

4.4 FEM Machine Optimization

This section discusses the validation and optimization of the proposed RA
concept by means of parameterized 2D and 3D FEM models. For a given RA
design providing the required average torque M.q = 3.1mN m, the optimiza-
tion outputs to consider are the torque (and hence speed) ripple and the ohmic
losses. Additionally, the resulting rotor mass is included. The optimization is
conducted in 2D. Then, the interactions of the selected design with the LA
are investigated in a 3D analysis.

4.4.1 2D FEM Model of the RA

The 2D Cartesian FEM model includes the parameterized cross-section of
one of the RA modules, as shown in Fig. 4.6 (a). The model parameters are
summarized in Tab. 4.2. Due to the low operational frequencies, the model
can be solved for magnetostatic conditions, which require less computational
effort but neglect AC effects. As the arcs spanned by a tooth and a coil add
up to a stator slot pitch, only one parameter kpec, (iron-to-copper ratio) is
introduced. Furthermore, the pole shoe coverage is defined by the parameter
kshoe, with kspoe = 1indicating a fully closed slot. The modeled materials have
simplified definitions. For the stator core and the rotor back iron a, linear,
ferromagnetic material with p, = 4000 and negligible conductivity is used. It
is then necessary to check for potential magnetic saturations after the model
is solved, ensuring that the B field is below a specified limit (e.g., 1.6 T for
electrical steel). The coils are modeled with solid copper cross-sections, i.e.,
with a single turn. A realistic fill factor of kg = 0.6 is considered by modeling
the copper material with a reduced conductivity ocy g = kg ocy = 3.4 MS/m.
Finally, the PMs are modeled with a coercitivity H. = 1000 kA/m, which
approximately corresponds to the N5o magnetization grade of commercial
NdFeB PMs. The magnetization direction is radial. The three phase currents
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Fig. 4.6: (a) 2D FEM Cartesian model of the RA for an exemplary design, with
indicated parameters and solved B and J fields (Ansys Maxwell). (b) Exemplary axial
torque profiles for the cases Nrlr = 15 Aturns, giving the total axial drive torque
Max (@rot) and Nrlr = 0 Aturns, giving the cogging torque component Meogg (@rot)-
Their difference is the generated torque Miy, (@rot)-

are assigned to the coils as indicated in Fig. 4.6 (a). The assignment yields
Maximum Torque per Ampére (MTPA) using Field-Oriented Control (FOC)
with the electrical angle ¢

The main simulation outputs are the torque profile Max(¢rot) and the
ohmic losses Pcy. The 2D Cartesian model returns the torque per 1m of
length along the z-direction, so it is scaled by multiplying by the active length
Ipm = 5mm. The total torque profile My (¢rot) obtained for an exemplary
design with a test current Nglg = 15 Aturns is shown in Fig. 4.6 (b). It is the

sum of two components, namely the generated (internal) torque M, (@rot)
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Fig. 4.7: (a) 3D FEM model of the LiRA with exemplary B and ] fields on the xz-section.
The currents if, ¢} 1. are impressed in the winding of the LA to generate Maximum
Force per Ampeére with the (linear) electrical angle 9 [27]. (b) Linear-rotary motion
profile of the ShuttlePump, assigned to the mover of the 3D FEM model. The linear
motion follows a quasi-sinusoidal trajectory, with a stroke length zg, = 8 mm [26].

and the cogging torque Mcyge (¢rot). As it can be noticed, the total torque
ripple AMy (¢rot) does not just correspond to the cogging torque Mcogg (¢rot),
but also the internal torque Mj, (¢rot) contributes to it. The ohmic losses Pcy
are also returned per 1 m of machine length along the z-direction. In this case,
the used scaling length is not just the active length Ipy but the average coil
length leiavg. This also considers the two sides of the coil serving as return
conductors and not contributing to torque generation. The resulting ohmic
losses are valid for one RA module. Finally, the returned values of the B field
used to check for magnetic saturations in the stator also have to be scaled.
This is because the 2D model assumes that the geometry extends unchanged
along the z-axis, i.e, rotor, pole shoes, and teeth have the same length, which
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Tab. 4.2: Parameters of the FEM models. The optimization parameters are indicated
with ‘Opt’ and reported in Tab. 4.3.

Name Symbol  Value Unit
Relative permeability (core) Ur 4000

Mag. saturation threshold (core) Bgat 22 T
Copper conductivity (with fill factor)  ocug 3.4 MS/m
Fill factor kg 0.6

PM coercitivity H, 1000 kA/m
Relative permeability (PM) LpM 1

Active machine length Ipm 5 mm
Pole shoe coverage kshoe 0.8

PM angle (large segment) apm 45 °

PM angle (small segment) apm2 25 °
Magnetic gap length dag Opt mm
PM thickness dpm Opt mm
Copper layer thickness dcu Opt mm
Iron-copper ratio krecu Opt

Stator core thickness dre Opt mm
Back iron thickness dp; Opt mm
Axial stroke length (3D model) Zstrk 8 mm
Flux barrier length (3D model) dp Opt mm
Average torque output Mieq 3.1 mNm
Max. angular speed ripple AQg, max 5 %
Loss budget PcuRA max 0.5 W

is not the case in practice. The scaling factor is the ratio of the tooth length
liooth OVer the active length Ipy.

4.4.2 3D FEM Model of the Full LiRA

A 3D FEM model of the full LiRA is needed to check the possible interactions
between the RA and the LA during the combined linear-rotary motion of the
piston. Furthermore, it allows estimating the total torque ripple AM,y also
considering the effect of the round in-/outlet notches that need to be made on
the rotary stators (cf. Fig. 4.5 (a)). Another important detail that can only be
modeled and investigated in 3D is the length of the flux barrier dg, between the
pole shoes of the RA and the stator of the LA, introduced in Fig,. 4.5 (b). The
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model is shown in Fig. 4.7 (a). The LA part is compatible with the geometry
and dimensions of the realized LA and is adapted from existing 3D models
used for its analysis [27]. The RA part is parameterized analogously to its
2D counterpart. The linear-rotary position of the mover is parameterized
according to the required piston motion profile of the ShuttlePump [26],
reported in Fig. 4.7 (b). The simulation returns, besides the total copper
losses Pcy tot, also the overall profile of the axial force Fax(@rot, Zmov) and the
total torque Max,tot((Prot, Zmov) = Max,l((Prot, Zmov) + Max2 (q)rot: Zmov) provided
by the two RA modules operating together.

4-4.3 RA Optimization Procedure

The optimization of the RA is conducted on the 2D FEM model, due to the
considerably higher computational effort needed to solve the 3D model repeat-
edly. Nevertheless, the 2D-solutions provide all the necessary information
to compare the RA designs together. The optimization procedure consists of
three steps.

Preliminary

Some parameters can already be fixed beforehand, thus reducing the number
of designs to simulate in the 2D FEM. Besides the angles spanned by the PMs,
which, as seen, are maximized to apy; = 45° and app 2 = 25°, the parameters
of the pole shoes can also be fixed. Due to manufacturing constraints, their
thickness is selected to be dgpoe = 1mm. The shoe coverage, determined by
the parameter kghoe, should be as large as possible for two reasons. First,
it contributes to reducing the amplitude of the cogging torque of the RA.
Second, it is necessary to keep the reluctance seen by the PMs of the LA
approximately constant along the axial direction. In order to prevent fringing
effects, kgnoe = 0.8 is selected.

Main

The parameters that are instead swept are listed in Tab. 4.3. In the main
optimization step, the parameters of Group 1 are varied. These parameters
are expected to have the most influence on the machine design. In fact, they
include both magnetic parameters (dag, dpm, krecu) that directly influence the
air gap flux density B,; and copper-related parameters (dcy, krecu), which
determine the cross-section of the stator coils Acy o and hence have a direct
impact on the ohmic losses Pc,. The design space obtained with the 3 x
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Tab. 4.3: Swept optimization parameters.

Name Symbol Range Step  Unit
Group 1 (Main)

Magnetic gap length dag [1 ..., 2] 0.5 mm
PM thickness dpm [1, ..., 3,5] 0.5 mm
Copper layer thickness dcy [2, ... 6] 1 mm
Iron-copper ratio krecu [0.2,..,08] 0.2
Group 2

Stator core thickness dre [2, ..., 4] 0.5 mm
Back iron thickness dp; [2, ..., 4] 0.5 mm

6 X 5% 4 = 360 parameter configurations is visualized in Fig. 4.8 on the
Pcy-AQq, plane. For each design, a (total) torque profile such as the one in
Fig. 4.6 (b) is simulated, from which the average My avg and ripple AMay (¢@rot)
are considered. It should be noticed that for the proposed topology, the
ripple on the internal (and hence total) torque depends on the amplitude of
the current NRqu. For this reason, each design is initially simulated with a test
current NRIAR,teSt = 30 Aturns, which allows determining the scaling factor
kscal = Mireq/Max test> Where May test is the average total torque obtained for
the test current NRfKtest. By adjusting the current amplitude to NRfR,,eq =
kgcal NRfR,test, all the designs are simulated for the same average torque output
Meq = 3.1mN m and with the correct total torque ripple AMyy (¢rot), ensuring
a fair comparison. From the AMyx (o) thus simulated, the speed ripple AQ
is calculated according to the low-pass dynamics in (4.1) for the worst-case
scenario, i.e. fopmin = 1.5Hz and expressed as a percent of the rotational
speed Qopmin. Finally, the single-turn average coil length L. avg (used to
scale the ohmic losses Pcy), as well as the mass of the rotor m,, and hence
the moment of inertia of the mover J,ov, are also specifically calculated for
each design. In Fig. 4.8 (a)-(c) the results are grouped according to the value
of dy in order to better visualize the effect of the remaining optimization
parameters. As expected, a larger air gap length d,, yields a smaller air gap
flux density B,s, which reduces the cogging torque but increases the ohmic
losses, with the consequence that (for a constant output torque) the group
of designs moves along a hyperbolic front on the Pc,-AQq plane (cf. (4.3)).
This can be analogously seen for different values of dpy, considering, e.g.,
a group of designs connected by a dashed line. Both parameters influence
the equivalent air gap reluctance (as the magnetic permeability of the PMs
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Fig. 4.8: Design space generated by the second optimization step, visualized on
the Pcy-AQy, for (a) dag = 1mm, (b) dyg = 1.5mm and (c) dag = 2mm. The color
of each point indicates the rotor mass myot. The points with the same parameters’
configuration except for dpys are connected by dashed lines. This way, the effect of the
remaining swept parameters is visible, as indicated in (a). The considered threshold
for magnetic saturation is Bgat = 2.2 T. The limit in speed variation is reported, which
allows the identification of the feasible designs.
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Tab. 4.4: Feasible RA designs under the specified constraints.

# dag dpm dcu  krecu AQq Py Mrot
1) 1lmm lmm 6mm 0.6 4.6% 25mW 74g
2) 15mm 15mm 6mm 0.4 42% 27mW 10g
2v) 1.5mm 15mm 3mm 04 43% 55mW 10g
3) 2mm 3mm 6mm 04 47% 22mW 19g

LpMm & o), but dpy also defines the MMF provided by the PMs. The parameter
dcy does not have a pronounced effect on AQg, but solely on Pc,. This is
expected, as dcy defines the available coil cross-section Acy o but does not
influence the air gap flux density B,,. In Fig. 4.8 (a)-(c), one can observe how
a group of designs scales along the Pcy-axis according to the value of dgy.
Therefore, for minimum ohmic losses dc,, should be increased as far as possible,
fully utilizing the maximum allowed outer diameter (but also considering
the thickness of the stator core dr.). The parameter kgecy affects instead
both AQy, and Pc, directly. In fact, by defining the thickness of the stator
teeth, it still determines Acy o, but it additionally affects the circumferential
air gap reluctance profile. A large value of kpecy gives a smoother air gap
reluctance profile, which translates into reduced cogging torque (and hence
AQy). However, this way the copper cross-section Acy is also reduced, with
an overall increase in Pc,. As a result, the choice of kgecy is not obvious, thus
providing further motivation to conduct the FEM-based optimization.

The main constraint of AQy, m.x = 5% defines the subset of feasible de-
signs. Among these, four relevant ones are selected and reported in Tab. 4.4.
Design 3 is the one attaining the least losses, but it needs relatively thick
PMs, resulting in the heaviest rotor. Therefore, at the cost of slightly higher
losses, Design 1 or Design z shall be preferred. Design 2 has the practical
advantage of having the same air gap length d,; = 1.5 mm as the designed LA,
so the complete mover can have the same outer diameter. Furthermore, as the
resulting values of Pc, are way within the losses budget Pcyramax = 0.5 W
(i.e., very small compared to the losses of the LA), it is decided to halve the
coil thickness at the cost of doubling the ohmic losses, which corresponds to
Design zv (cf. Fig. 4.8 (b)). The important advantage is the overall rounder
form factor of the LiRA, which facilitates implantation considerably. A final
estimation of the total losses of the RA is provided in the next subsection, as
it requires the total torque profile with both RA modules operating together,
obtained from the 3D simulations.
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Fig. 4.9: Results of the third optimization step. (a) Average magnetic flux density at
the locations 1 to 3 in the stator core indicated in Fig. 4.6 (a) versus the thickness
dpe. (b) Average magnetic flux density at the locations 4 and 5 in the rotor back iron
indicated in Fig. 4.6 (a) versus the thickness dy,;.

Avoid Saturation

As a last step, the parameters of Group 2 are swept for the selected design,
i.e., the thickness of the stator core dg. and of the rotor back iron dy; are
optimized. In particular, both parameters should be minimized for a compact
and lightweight design, but it must be ensured that no saturation of the
magnetic material occurs. Fig. 4.9 (a) and (b) report the simulated average
magnetic flux densities in the stator core and the rotor back iron versus dre and
dh;, respectively. For each location 1 to 5 in Fig. 4.6 (a), this is calculated over
all rotary positions, and only the curve with the largest values is considered.
With the threshold By, = 2.2 T for VACOFLUX50, dge = 2mm and dyp; =
2.5mm are selected.

4.4.4 Integration and Interactions with the LA

Once the 2D optimization is finalized, the selected RA design is investigated
in 3D to verify its interactions with the adjacent LA. First, the length of
the flux barrier dg, highlighted in Fig. 4.5 (b) has to be chosen. Fig. 4.10
shows the results of a series of 3D simulations with the average axial torque
obtained for different values of dg, ranging from 0 to 1mm. For a more direct
comparison with the 2D counterpart, the simulations are conducted for a
fixed zpmoy = 4.5 mm (i.e., with one of the rotors directly facing the RA stator
teeth) and the same RA current NRfR,req = 15 Aturns. The average torque is
then normalized to Myeq = 3.1mN m. Furthermore, both linear and non-linear
material definitions for the stator core and rotor back iron are used. The
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results indicate that the absence of a flux barrier at the interface between LA
and RA would be a concern in principle, but does not have a major impact on
torque generation for the chosen design. With the linear material definition,
for dg, = 0 the generated torque is about 30% weaker, and, as expected,
it gets to the nominal value (and even slightly above) as soon as the flux
barrier is introduced. With the more realistic non-linear material definition
for VACOFLUXj50, this effect is less pronounced. This can be explained by
the fact that the geometry of the pole shoe, especially due to its thickness
dshoe = 1mm, is already offering high reluctance along the considered critical
flux path. Finally, dg, = 0.8 mm is selected.

The results of the 3D simulations of the complete LiRA with the piston
following the linear-rotary motion profile of Fig. 4.7 (b) are reported in
Fig. 4.11. For these simulations, only the non-linear material definition for the
stator cores and mover back iron is used. In Fig. 4.11 (a), the internal torque
Min tot (¢rot) and the total torque Moy tot (@rot) provided by both RA modules
are reported and compared to their 2D counterparts. From M,y tot (¢rot) it is
possible to observe the expected cogging torque component introduced by
the in-/outlet notches on the rotary stators. In fact, there are two doublets
of opposite torque peaks right around the two rotary positions ¢, = 0° and
¢rot = 180°. As it can be understood from the linear motion profile (zmov (@rot),
reported from Fig. 4.7 (b)), those are the two conditions for which the mover
reaches one of the two axial edges of the LiRA and hence the rotary PMs
move in front of the notches. The additional cogging torque increases the
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Fig. 4.10: Effect of the flux barrier at the interface between LA and RA (cf. Fig. 4.5 (b)).
The simulated average torque is obtained for the two cases of linear (y = 4000) and
non-linear (VACOFLUX50) material definitions for the stator cores and mover back
iron. For the selected LiRA design, due to the thin pole shoes, the torque reduction
without a flux barrier is not critical.
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Fig. 4.11: Results of the 3D FEM simulations of the complete LiRA. (a) Internal and
total axial torques Mipn tot (¢rot) (zoomed range) and Max tot (¢@rot) applied to the mover
by both RA modules operating together, compared to their 2D counterparts. The
mover follows the specified linear-rotary motion profile, reported in light red from
Fig. 4.7 (b). (b) Axial force profile Fix(zmov) for the cases Nrlr = NLIL = 0 Aturns
(unenergized LiRA, giving the axial cogging force profile) and NpI; = 120 Aturns,
Nrlr = 15 Aturns (energized LiRA, giving the axial drive force profile). Both cases
are compared to the results of the original LA design [27], verifying that the cogging
force is almost unchanged, and the force generation is even slightly improved.

percent speed ripple to AQy, = 14 %, which, however, remains within the
allowed range. Importantly, on average, the total internal torque is still
Mintot,avg = 3.1mN m. As visible from the internal torque profiles (compared
in the zoomed range of Fig. 4.11 (a)), during the linear-rotary motion of the
mover, both RA modules contribute to maintaining approximately the same
internal torque profile as if only one module were acting on a single rotor.
However, this also means that the required ohmic losses will be approximately
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doubled. The 3D simulation returns in fact Pcy ot = 6 Ry (NRIAR)2 =102 mW.
Fig. 4.11 (b) shows instead the profile of the axial force Fyx(2zmov) acting on
the mover. Two cases are considered, namely when the LiRA is not energized
and when it is, and compared to the corresponding results that are valid for
the original design of the LA with its stator extensions [27]. In the first case,
it is possible to verify that the axial reluctance profile of the original LA is
maintained, and hence no large axial cogging forces are introduced. In the
second case, it can be observed that adding the RA modules not only does
not impair axial force generation, but even improves it due to the chosen
arrangement of the PMs of the RA. It can be calculated that this increase in
the machine constant of the LA contributes to an overall reduction in ohmic
losses with respect to the original design amounting to 4 %.

4.5 Hardware Prototype

This section describes the hardware prototype of the selected RA design
and provides insight into a specific type of mechanical assembly tolerance.
Furthermore, the test bench used for the experimental measurements is pre-
sented.

4.5.1 Stator Realization
Stator Core

The realized stator core is shown in Fig. 4.12 (a). The material used is the
same as for the LA, i.e., the VACOFLUX50. Due to the low operational fre-
quencies, the material is not laminated. As visible from the sectional view
in Fig. 4.12 (b), half of a LA stator ring is integrated as a single piece with
the rotary stator core. This facilitates the manufacturing of the half-ring and
ensures a solid buildup. Furthermore, the sectional view shows the solution
chosen for the realization of the stator teeth and pole shoes, which ensures
an easy mounting of the coils. As depicted in Fig. 4.12 (c), each stator tooth
with its large pole shoe is realized as a separate part, made up of two pieces
glued together. This way, the tooth can be inserted through a single coil and
screwed to the stator core. Two pins with a diameter of 1mm are used to
connect all the parts (pole shoe, tooth, and stator) together and align them
correctly. All six coils can thus be held firmly in place.
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Fig. 4.12: Realized hardware prototype of the RA. (a) Realized stator core made of
VACOFLUXj50. (b) Stator section at the coils side (xz-) with annotated dimensions. (c)
Realized demountable stator teeth with large-coverage pole shoes. (d) Realized stator
coil with a special bent shape, made of a 0.18 G1B coated copper wire with Ng = 305
turns. (e) Interconnection diagram valid for each phase {a, b, ¢} of the RA, including
the equivalent circuits of each stator coil with the resistance R, the inductance L. and
the induced voltages (1234} {ab,c}-

Coils

As shown in Fig. 4.12 (d), the coils are specially manufactured with a bent
shape to maximize the fill factor kg. It is advantageous to select a large
number of turns Nr so that smaller currents have to be supplied by the
inverter, thus reducing its conduction losses. At the same time, Ng should
not be too large, as it can be difficult to precisely control the phase currents
to very small values due to, e.g., noise on the current measurement signals.
Furthermore, the induced voltages in each phase uq (4.} (¢) also have to be
taken into account in order to guarantee that the currents can be impressed
until the maximum operational speed. In fact, the three-phase inverter module
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Fig. 4.13: Realized hardware prototype of the RA. (a) Complete stator assembly
equipped with coils, side interconnection PCBs and mounted together with the LA.
(b) Realized complete mover with back iron rings and multiple NdFeB PMs. It consists
of the previously realized translator of the LA plus the two rotors of the RA on the
sides. The mover will be finally integrated into the piston (cf. Fig. 4.3 (a)).

(MP6535 by Monolithic Power Supply, already used to supply the LA [27]) can
be operated with a maximum DC-link voltage of Upcim = 26 V, which gives
Ufab,chlim = Upclim/2 = 13 V. The selected compromise value for the number
of turns is Ng = 305 that can be fitted in the given cross-section Acy o with
a 0.18 G1B coated copper wire. The resulting fill factor is kg = 0.61, and
the inverter current amplitude for nominal torque is finv = 49.2mA. The
measured electrical characteristics of a manufactured coil, namely the DC coil
resistance and inductance, are R, = 6.4 Q and L. = 6.9 mH (mounted in the
stator). The maximum induced voltage is checked, considering the maximum
induced voltage per turn for each coil and their interconnection in the two RA
modules. All the coils are energized at the same time and hence supplied by
a single three-phase inverter module. Therefore, this is loaded with four coils
in series per phase, as depicted in the interconnection diagram (equivalent
circuit) of Fig. 4.12 (e). The induced voltages per turn ug (4 p,},1(¢) are found
for each phase by taking the time derivatives of the single-turn flux linkages
Y{ab,c),1(t) obtained from the 3D FEM simulations. The maximum induced
voltage found (over all phases) is Uymax = 3.28 V. Neglecting the voltage
drop on the inductance L due to the low operating frequency fo, = 5Hz, the
required phase voltages are u(,p,c) (t) = 4 Rc ifab.c} (1) + Ug (ab,c) (£), Which
is at most Upax = 4.35V < Ufapc}lim- For the final assembly, as shown in
Fig. 4.13 (a), the coils are fixed to the stator core, and their terminals are
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guided to small PCBs placed on the outer side of the RA, in order to facilitate
their interconnection.

4.5.2 Rotor Realization

Fig. 4.13 (b) shows the complete mover to be embedded in the piston, i.e. the
translator of the LA plus the two rotors of the RA at its two axial ends. Each
rotor is very simply built using a back iron ring made of VACOFLUX50 and
small NdFeB PMs glued on the outer surface. Their thickness is the chosen
dpym = 1.5 mm, and their magnetization grade is N48. According to the chosen
RA concept, all the magnets of one rotor are oriented in the same direction
(i-e., with their magnetization axis pointing radially inwards or outwards of
it), whereas the magnets of the other rotor have opposite polarity. The weight
of a single rotor is m;o = 48 g. Together with the mass of the translator of
the LA myoy = 148 g, the total mover mass is myor = 244 g.

4.5.3 Effect of the Stator Assembly Tolerances

An important aspect to consider for the realized prototype is the effect of
mechanical tolerances in the assembly of the RA stators [59,60]. This can lead
to a considerable reduction in the generated torque, which corresponds to an
increase in the required ohmic losses. This is the reason why, in Sec. 4.3.3
a rather conservative margin within the available losses budget (0.1 W out
of the allowed PcyRramax = 0.5 W) was defined for the RA optimization. The
most critical manufacturing tolerances concern the mounting of the stator
teeth to the rest of the stator core according to Fig. 4.12 (b). In fact, if the
two contact surfaces are not perfectly matched, at the interface between each
tooth and the rest of the stator a certain undesired air gap is introduced, to
which the magnetic design of the RA results very sensitive.

For a qualitative understanding, consider the magnetic circuit in
Fig. 4.14 (a), defined by the main magnetic flux paths in the RA. This is
substantially simplified by assuming a planar, homogeneous field in the radial
direction and neglecting fringing effects. Furthermore, under the assumption
HpM = flo, the reluctance of the PM is included in the total air gap reluctance
Rag. Each undesired tolerance air gap with length dio (here assumed to be all

drol

Ao to the magnetic circuit,
where Ao is the equivalent cross-section of the flux path at the back of
the tooth. At the same time, as illustrated in Fig. 4.14 (b), the total air gap
length d,s + dpu is reduced by dyo). Therefore, the total air gap reluctance R,
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Fig. 4.14: (a) Simplified equivalent magnetic circuit of the RA. The air gaps introduced
between each tooth and the stator core due to tolerances in the stator assembly add
the undesired reluctances Ry, +. The relative dimensions of the individual parts are
intentionally not to scale. (b) Stator section with a protruding tooth. The reduction in
the main air gap reluctance Rog does not compensate for the introduced Ry, 4 due to
the different equivalent cross-sections of the flux path at the tooth side (A;oqi,) and
pole shoe side (Aghoe)-

is reduced by Ry - =7 ‘i‘"}: where Agpoe is the equivalent cross-section of
the flux path in front of the pole shoe. If the equivalent cross-sections Aooth

and Agpoe Were the same, the total reluctance

Rag,tot =15 (Rag + Rtol,+ - 7etol,—) (4-4)

would be unchanged, as R0+ = Riol— (note that the factor 1.5 is obtained
considering the two parallel branches of the equivalent circuit). In that case,
the magnetic design would be insensitive to the assembly tolerances of the
stator teeth. Nevertheless, as Aiooth < Ashoe, then Rior+ > Ryol—, so the
total reluctance Ry 1ot can considerably increase. In more detail, (4.4) can be
written as

dg+dPM + diol _ drol

(4.5)
,uOAshoe uOAtooth ﬂOAshoe

Rag,tot =15
By introducing the ratio ka = Ashoe/Atooth, all the reluctances in (4.5) can be
expressed with respect to Agpee, Obtaining
dg + dpym + (kA - 1) dtol
,UOAshoe

Rageq = 1. s (4.6)
which shows that the equivalent air gap is increased by (ka — 1) dyoJ, i.€., that
the contribution of d;,; is amplified by the ratio of the cross sections ka.
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Chapter 4. Rotary Actuator Design and Verification

For the realized prototype, the effect of the undesired di, is investigated
more accurately with the aid of the 3D FEM model. Already for di, = 0.1mm,
estimated in Appendix A, the internal torque My, is reduced by 40 %. Con-
sequently, the RA will require about 3 times the predicted ohmic losses to
generate the nominal torque (i.e., 3 - 0.1W = 0.3 W), which is still within
the available losses budget. It is therefore clear that a trade-off between
manufacturing complexity and required ohmic losses exists. For the case at
hand, the chosen stator construction is relatively simple to realize, and the
additional losses it introduces are not critical as they are negligible compared
to the total losses of the LiRA. For future designs or a different system where
losses minimization could be a serious concern, a different stator construction
solution shall be preferred, e.g., with extended teeth to be inserted in the
stator core.

4.5.4 Experimental Test Bench

The experimental test bench shown in Fig. 4.15 is adapted from the one al-
ready used for the commissioning of the LA [27]. The torque sensor used is the
Rokubi from BOTA Systems, which provides 6-axis force/torque measurements
and was already used to commission the LA [27]. Its measurement principle
is based on resistive strain gauges, and about its z-axis, it can measure up

Rotor fixture
Torque sensor S \ Stator fixture

Rot. pos.

Fig. 4.15: Experimental test bench used for the commissioning (torque measurement)
of the RA. The closeup view shows how the single rotor is directly mounted to the
sensor with a rigid plastic fixture.
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to 12 N m with a signal noise level of 0.5 mN m. The torque to be measured
for the experimental verification of the RA is in the 10 mN m range, which is
relatively low. If the complete mover is rigidly coupled to the sensor, a shaft
and rotary bearings would be needed. However, as verified by preliminary
tests, these would introduce parasitic axial torques due to friction, especially
in the presence of strong radial attraction forces that exist between mover
and stator [27]. A reasonable alternative is to measure the torque applied to a
single rotor. As seen from Fig. 4.11 (a), this is equivalent to the total internal
torque Min tot (¢rot) (i-€., applied to the complete mover), as long as the single
rotor is axially aligned with the teeth of a rotary stator. A single rotor can be
directly mounted to the torque sensor, with a very good transmission of the
generated torque to it. On the test bench, as visible in the closeup of Fig. 4.15,
this is done by gluing the rotor to a rigid plastic fixture, which is then tightly
screwed to the sensor. Coupled to the sensor, a rotary positioning stage is
used to precisely position the rotor down to a 0.1° resolution. Finally, a linear
positioning stage is also used in order to adjust the rotor’s position along the
axial direction. The test bench can thus be used to measure the generated
axial torque exerted by the fixed stator on the single rotor for different angular
positions @yot.

4.6 Experimental Verification

The experimental measurements conducted on the hardware prototype of
the RA assembled into the complete LiRA are reported in this section. The
verification includes measurements of the profile of the internal torque along
the circumferential direction from which the (average) machine constant ky, is
obtained. For the presented measurements, the test bench in Fig. 4.15 is used.
The axial position of the rotor is fixed such that it aligns with the middle of
the stator teeth. This corresponds to the condition zy,ey = 4.5 mm. As can e.g.
be seen from the illustration in Fig. 4.10, for this axial position of the mover,
the total torque is almost totally provided by one rotary stator. This way, as
mentioned, the internal torque generated and applied to the single rotor is
approximately equivalent to the total Miy ot (@rot) that would be generated
and applied to the complete mover (i.e., with two rotors). In order to obtain
the average internal torque My avg, the angular position of the rotor ¢yt is
adjusted in steps of 5° from 0° to 180°. This is sufficient, as Mi, (¢rot) has a
period of 180° due to the machine geometry, as seen, e.g., from Fig. 4.11 (a).
For each angular position ¢y, the torque sensor is calibrated after the rotor
is positioned in order to cancel any parasitic torque and measure exclusively
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Chapter 4. Rotary Actuator Design and Verification

the internal one. Then, as visible from the exemplary measurements in
Fig. 4.16 (a), a slowly rotating stator field is generated by impressing the
currents igc}r in the RA winding with a fixed amplitude s and a low
frequency fif = 0.04 Hz. This way, a sinusoidally varying torque M¢(t) is
applied to the fixed rotor and measured by the torque sensor. The amplitude
L is chosen such that the peak-to-peak amplitude of M;¢(t) is at least 5 times
larger than the declared noise-free resolution of the torque sensor, which is
specified as Mgens nfr = 3 mN m. With [f=02A,a peak-to-peak amplitude of
2 Mrf’oz ~ 20mNm > 5 Mgens nfr is expected. The amplitude of the measured
torque wave Mrf’oz is reported in Fig. 4.16 (b) for each angular position and
compared to the results of the corresponding 3D FEM simulations. As it can be

Mt ,02

25F —o— 3D FEM Sim. | ]

—e— Meas. I,y = 0.2

o— 2-Meas. I,y = 0.1

00 30 60 90 120 150 180
Rotary Position ¢rot [7]

(b

~—~

Fig. 4.16: (a) Exemplary measured torque profiles M (¢ 01} (¢) for the case @rot =
0°, generated by the slowly varying phase currents if,}, ¢} g With amplitude Lf =
{0.2,0.1}A. (b) Internal axial torque profile for a single RA module, compared to the
results of the 3D FEM simulation with Nglg = 61 Aturns. The results for Irf =0.1A
are doubled for a direct comparison and verification of the torque linearity.
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observed, the results are in good agreement with the simulation. The special
shape of the torque profile due to the machine geometry with missing PMs is
validated. Furthermore, in order to verify the linearity of the generated torque
with respect to the impressed current, the measurements are also repeated
with If = 0.1A. The average absolute error of 11 % is the result of mismatches
in the torque profile at certain angular positions (e.g., ¢rot = 35° or 65°) that
can be attributed to slight imperfections in the gluing of the PMs. Nevertheless,
the average internal torque My avg = 6.75 mN m matches the simulated value,
with an absolute error as low as 1.5 %. From this result, the machine constant
km = Minavg /L¢ = 33.75mNm/A is obtained. The (continuous) ochmic losses
are then found as Pcy = 6 R, (Mreq/km)2 =324mW.

4.7 Summary

In this chapter, the analysis, design, realization, and experimental verification
of the Rotary Actuator (RA) of the ShuttlePump are presented. The exper-
imental measurements verify that the proposed integrated RA concept is
practically feasible and allows meeting the torque requirement of 3.1mN m
with 324 mW of continuous power losses. Together with the estimated 8.7 W
for the LA, this results in a total of 9 W for the whole LiRA. With the two
building blocks of the LiRA designed and experimentally verified, the next
step targets the operation of the complete drive system with full linear-rotary
closed-loop position control. This requires first the realization of the appro-
priate linear-rotary position sensors, to be interfaced with a dedicated power
electronics supply and control unit.
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Chapter Abstract

This chapter presents an eddy-current linear-rotary position sensor for the ShuttlePump.

The sensor is obtained by extending a commercially available rotary position sensor with
appropriate post-processing to also capture the information about the linear position. In fact,
the commercial IC serving as the interface for the rotary sensor provides sine and cosine
voltage outputs, whose amplitude changes with the linear distance of the target. Furthermore,
the interface adjusts its excitation frequency due to the changing coupling between the sensor
and the linearly moving target. Hence, there are two options to additionally measure the linear
position, which are analyzed theoretically with Finite Element Method (FEM) simulations,
validated experimentally, and compared in terms of achievable sensitivity, bandwidth, and
linearity. Both options allow reaching z-resolutions below the required 100 pm and a ¢-
accuracy in the 5° range while meeting the specified 100 Hz bandwidth requirement, and

can hence be used for feedback position control of the ShuttlePump.
I P i |
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Chapter 5. Integrated Linear-Rotary Eddy-Current Sensors

5.1 Introduction

Contactless position measurement of a moving target following a linear
and/or rotary motion is essential to ensure the correct operation of many
actuators in different applications [61-65]. Among contactless position sen-
sors, magnetic sensors (such as e.g., Hall-effect or magneto-resistive sensors)
or Eddy-Current Sensors (ECSs) are the preferred choice and offer position
resolutions even down to the nm range [66]. In the case of Linear-Rotary
Actuators (LiRAs), it is necessary to measure accurately both linear and ro-
tary positions of the mover, i.e., the movable part carrying/serving as the
end-effector. The simplest approach is to use two sensors to capture linear
and rotary motion independently. However, for applications that require
a high level of integration, a combined solution is needed. This is the case
for the ShuttlePump, which requires accurate measurements of the linear
and rotary positions of its piston to control its motion and ensure correct
operation. The required linear and rotary position measurement resolutions
are in the range of 100-250 pm and 1-5°, with a targeted bandwidth of at least
50 Hz (i.e., 10 times larger than the operational motion frequency fo, = 5Hz).
All the specifications of the application are also reported in Tab. 5.1. Another
challenge in the design of the sensor is the very limited accessibility of the
piston surface, since the lateral surface of the pump is largely occupied by the
stators of the LiRA. Therefore, there is no space inside the stator for the linear
and rotary position sensors, which have to be placed at the two axial ends
of the housing. As a consequence, the main challenge is represented by the
large air gap § between the sensor plane and the measurement target, which
increases up to dmax = 16 mm during the linear motion of the piston. This
condition makes, e.g., Hall sensors not suitable for this application, as the
magnetic field coming from a permanent magnet target would be very weak
and easily disturbed by external magnetic fields. On the other hand, ECSs are
still an option, as they offer better immunity to external noise and there exist
off-the-shelf solutions that can be used to measure absolute linear or rotary
positions [67, 68]. However, due to the tight space constraints of the Shuz-

Tab. 5.1: Sensor specifications for the ShuttlePump.

Linear Position (z) ‘ Rotary Position (¢)

Measurement range 0..16 mm 0..360°
Measurement resolution 100 - 250 um 1-5°
Measurement bandwidth 50 - 100 Hz 50 - 100 Hz
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tlePump, it is desirable to use only one ECS to capture both motions. Hence,
this chapter discusses the design and realization of a highly-integrated eddy-
current-based linear-rotary position sensor for the ShuttlePump, obtained by
extending a commercial “single-axis” ECS with additional post-processing.
In Sec. 5.2, the general operating principle of the sensor is explained and the
proposed sensor concept is presented. Sec. 5.3 discusses two post-processing
options to extend a commercial rotary ECS into a full linear-rotary position
sensor and compares them in terms of sensitivity, achievable resolution and
bandwidth. In Sec. 5.4, the design and realization of the PCB-embedded
sensor prototype are presented. Sec. 5.5 verifies with experimental measure-
ments the proposed linear-rotary position sensor and discusses the results
evaluating the sensitivities obtained with both concepts. Finally, Sec. 5.6
concludes the chapter.

5.2 Linear Sensor’s Operating Principle

An ECS exploits the variation of magnetic coupling existing between an exci-
tation coil carrying a high frequency current and the secondary magnetic field
generated by the induced eddy currents circulating in a nearby conductive
target. As depicted in Fig. 5.1, the excitation coil is usually placed with its
axis perpendicular to the target, such that the maximum amount of primary
magnetic flux is linked by it, and therefore larger eddy currents are induced.
Typically, an ECS measures variations of the air gap length () between
the excitation coil and the target, as this directly affects the amount of total

o 2 Excitation
e "puﬂmypr* W\'p el U g, Opiek(®)
(NI F@ v r‘\‘“:\*\i(")
Zin,exc(évt) Pick-up
6“) coil
Eddy currents =k
Target

Fig. 5.1: Basic operating principle of a conventional ECS, consisting of an excitation
coil, a conductive target and (eventually) a pick-up coil. The variable air gap length
&(t) can be measured either from the excitation coil’s equivalent input impedance
Zin,exc(6, t) or from the induced voltage upick (6, t) in the pick-up coil.
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magnetic flux that is linked by one turn of the excitation coil, i.e.,

Dere(6,1) = //S B(8,1) ds, (52)

where B(J, t) is the flux density and S the excitation coil’s (integration) area.
As a result, the equivalent input impedance of the excitation coil Zip exc (6, t)
varies and it can be used to measure §(¢). As an alternative, the total magnetic
flux can also be linked by a separate pick-up coil placed nearby, at whose
terminals an induced voltage upic () appears, according to Faraday’s law of
induction

40y (5. 1)
ik (5,1) = ~Nysae 2SO 50y = //P BGS.OP,  (52)

where N is the number of turns of the pick-up coil (here assumed to
be all identical), ®pick(, ) the magnetic flux of the pick-up coil and P its
(integration) area.

Consequently, as it can be noticed from (5.1) and (5.2), the total magnetic
flux of the excitation or pick-up coils also depends on their coil area, S or
P. This offers another realization option for the ECS, namely if the coils
are shaped in a special way with respect to the target, e.g., along a certain
direction x(¢), it is possible to obtain a variable Ziyexc(x, t) or upick(x, t) even
with a fixed air gap length 6. An example of this realization is the inductive
position sensor proposed and commercially available by Renesas [68—70]
as shown in Fig. 5.2. This ECS can be designed to measure either linear
(cf. Fig. 5.2 (a)) or rotary (cf. Fig. 5.2 (b)) positions by utilizing special
sinusoidally-shaped pick-up coils that can be conveniently realized on a PCB.
In particular, the induced voltage uyc; appearing at the terminals of the pick-
up coil is sinusoidally modulated in amplitude by the position of the target
along the linear x or rotary ¢ direction. In order to gain unique position
information, 90° spatially displaced coils are used to obtain sine- and cosine-
modulated signals upck sin and upick,cos, Which can be used after demodulation
to calculate x or ¢ as the argument {x, ¢}(t) = atan2(usin, Ucos) as typically
done for, e.g., a resolver. As for conventional ECS, a sensor interface is needed
in order to drive the excitation coil and demodulate plus eventually post-
process the measurement signal(s). For this purpose fully-integrated solutions
exist, like the Renesas IPS2550 [68], which specifically offers two demodulation
channels for the discussed inductive position sensor (cf. Fig. 5.2 (c)). For
such ECS realization with variable-shape pick-up coils, an air gap variation is
typically a problem, because if the amplitude of upjck sin and upjck cos reduces,
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Fig. 5.2: Inductive position sensor from Renesas, a fixed-air-gap-length variable-coil-
shape ECS with excitation coil (red) and two 9o° spatially displaced pick-up coils
(green and blue) to uniquely determine the target position. (a) Linear position sensor
realization and (b) rotary position sensor realization. (c) Integrated sensor interface
IPS2550 with a transmitter and two receivers with coherent demodulators, providing
either the linear position (x) or rotary position (¢) of the target.

the achievable resolution of ¢, calculated from ug, and ucos after sampling and
quantization with an ADC, is also worsened. In order to prevent this, the effect
of a variable air gap can be eliminated/compensated with appropriate post-
processing or, in the case of the IPS2550, with an automatic adjustment of the
receivers’ amplifiers gain (Automatic Gain Control, AGC) [68]. Nevertheless,
this issue can be turned into a feature when it comes to a full linear-rotary ECS
realization, since along the axial direction this configuration still corresponds
to the variable air gap length type ECS of Fig. 5.1. Therefore, instead of
compensating the air gap length variations, it is possible to use them to
measure the linear/axial position z(t). The proposed sensor concept consists
then of a variable-coil-shape rotary ECS as the one of Fig. 5.2 (b), extended
to a full linear-rotary position sensor by also measuring the variable air gap
length with appropriate post-processing. As illustrated in Fig. 5.3, the semi-
circular conductive target is embedded in both piston’s axial surfaces and one
sensor PCB per side is used in a differential sensor configuration. This way,
it is necessary to measure with high sensitivity only till half the distance,
i.e., Omax/2 = 8 mm instead of Sy, = 16 mm. This allows accurate position
control each time the piston is closest to either ECS, in order to avoid any
collision with the enclosure along the axial direction.
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Fig. 5.3: The piston of the ShuttlePump with a thin 0.5 mm highly conductive target
(made of, e.g., copper) embedded below its outer axial surface. The multi-layer-PCB-
embedded linear-rotary ECS prototype, described in detail in Sec. 5.4, is placed right
in front. A second identical sensor and target can be placed at the opposite axial
surface to realize a differential sensor.

5.3 Extension to a Linear-Rotary Sensor

In order to extend the commercial rotary ECS from Renesas into a full linear-
rotary ECS, it is necessary to extract information about the mover’s axial
position z(t). This can be done in two possible ways, discussed in the follow-
ing.

5.3.1 Option 1: Magnitude and Argument

As mentioned, for a fixed air gap length the demodulated voltages ug;, and
Ucos are used to calculate the rotary position ¢(t). If the air gap length
&(t) (from now on equivalent to the linear/axial position z(¢)) is varied,
the magnetic coupling and hence the mutual inductance between the eddy
currents’ circulation paths in the target and the pick-up coil(s) changes. As
a result, the amplitude of both induced voltages changes. This can be easily
calculated from the magnitude of the two demodulated signals as

Umag = Wlfin + U, (5.3)

which is known to be independent from ¢(t) and therefore is a good option
to obtain z(t). In the specific case of the Renesas IPS2550, this is actually
the calculation used in the IC to correct air gap variations with the AGC
[68]. Consequently, in order to also measure the linear distance by means
of the amplitude variation, the ACG must be disabled and the IC must be
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operated with constant gain. The main drawback of this option lies in the
noticeable sensitivity degradation for increasing linear position z, which also
leads to reduced angle resolution, especially without AGC. This is because
the magnetic coupling between the excitation coil and the target decreases
exponentially with increasing distance, a well-known fact in ECS design [71].
The dependence of the voltage amplitude on the distance can be verified by a
simple 3D FEM simulation (cf. Fig. 5.4), where the amplitude of the induced
voltage in the pick-up coil is recorded for increasing values of z from 0 mm

z . N 5 200 3
Li.n’exc Re  JToxe E 7 — 207 kHz/mm =,
—4.8 180 8
g 46 26 kHz/mm | 160 £
44 m PTIE
=0 2 4 6 8
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- z2=0
Z 10 ~:Z4mm
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= -10
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( ) (d) Rotary Position ¢ [°]
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— 2 ,2.72 mV/mm
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Fig. 5.4: 3D FEM simulation results (ANSYS Maxwell) to verify the magnitude-based
measurement Option 1. (a) Driving stage of the Renesas IPSz550, i.e., an oscillator
with parallel resonance. (b) Simulated excitation coil inductance profile Liy exc(2),
from which the resonant frequency fes(z) is calculated with a reference capacitor
Cres = 7.05nF. The best- and worst-case frequency sensitivities are indicated. (c)
Simulated distribution of the B field for z = 1mm with foyc ref = 5 MHz and fexc’ref =
1Aturns. (d) Amplitude ffpick((p, z) of the induced voltage in one of the pick-up coils

Upick(,cos) (¢, 2) = Upick((p, z) sin(27 fexc t) for z = {0,4,8}mm. (e) Magnitude from
the demodulated ugj, and ucos versus the linear position z, with indicated best- and
worst-case amplitude sensitivities.
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to 8 mm. The simulation is performed for the reference case with fexc’ref =
1Aturns and fexcrer = 5 MHz. In order to obtain realistic results, it should be
observed that the IPSz550 can drive the excitation coil only in resonance with
a parallel capacitor Cpes (cf. Fig. 5.4 (a)). Moreover, remember that although
not used for measurement, the equivalent input impedance of the excitation
coil Zip exc still changes with z. Specifically, if the inductance Lin exc(z) varies,
the IPS2550 adjusts its excitation frequency fex to the resonance frequency
fres(2) = m In Fig. 5.4 (b), the simulated L, exc(2) is shown and
used to calculate the corresponding fies(z). As a reference case, the value
of Cres is selected such that fies(z = 0mm) = fayerer = 5MHz. Another
consequence of the variable fs(z) is that also the amplitude of the current
fexc(z) resonating between C,s and the excitation coil depends on z and has
to be considered. For a fixed unity driving voltage Uey. = 1V, this is obtained
as fexc(z) = Uxe Wres (Z) Cres, With wyes(z) = 27 fres(z). The simulated B field
distribution, an example of which is shown in Fig. 5.4 (c), is integrated in the
pick-up coil area to obtain the amplitude of the flux Cﬁpick((p, z) for each value
of z and ¢. Finally, the amplitude of the induced voltage is

(5.4)

exc,ref

~ 2 iex (Z)
Upick((p’ z) = —Npick Wres(2) q)pick((P; z) (AC—) .

For the given coil dimensions, induced peak voltages of about 12 mV per turn
can be expected for the reference case, as shown in Fig. 5.4 (d) and Fig. 5.4 (e),
where the simulated pick-up voltage is given as a function of rotary and linear
position, respectively. Over an axial distance of 8 mm, upjck mag reduces by
about 85% and hence the z-sensitivity decreases significantly. In order to limit
this effect, Upick(@ z) should be maximized with three possible options. As it
appears from (5.4), one option is to maximize the excitation frequency fexc,
which for the IPSz550 is limited to 5.6 MHz. In practice, though, there is also
an upper limit due to the unavoidable parasitic capacitance C, that results
in practical coil realizations. In fact, this leads to a certain Self-Resonant-
Frequency (SRF) forr = m of the pick-up coil, above which it exhibits
predominantly a capacitive behavior. As a rule of thumb, it is advisable to
select fexe << forp, separating the two by, e.g., a factor 5 to 10. The second
option appearing from (5.4) is to increase the number of turns of the pick-up
coil Nyick. As shown in Sec. 5.4, special care must be taken in the design,
as multiple turns also increase the parasitic capacitance C, (e.g., if multiple
PCB layers are used), with the result that fsrr is decreased. Finally, the
(fixed) internal gain of the IC receivers can be maximized. The IPS2550 has a
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maximum output voltage swing of 3 Vpp for 5V operation, so the internal gain
is programmed in such a way that at z = 0 mm this swing is achieved. This
way, the z-sensitivity becomes 338 mV/mm at z = 0 mm and 54.8 mV/mm
at z = 8 mm. The final z-resolution is defined by the number of bits of the
ADC used to sample ugj, and ucs: 10 bits, for example, allow to resolve
5V/2!% = 4.8mV, corresponding to 14.5um at z = 0 mm and to 89 um at
z = 8 mm.

5.3.2 Option 2: Frequency and Argument

A second way to measure the linear position z is deduced from the frequency
variation shown in Fig. 5.4 (b), where it can be observed that the excitation
frequency fu. selected by the IPS2550 depends on the linear position z, since
the self-inductance is changing with the axial distance of the target and the IC
always tracks the LC resonance frequency. According to the FEM simulation,
a maximum sensitivity of 207 kHz/mm at z = 0 mm, reducing to 26 kHz/mm
at z = 8 mm is to be expected. There are two main advantages when utilizing
fexc to measure z. The first one is that the IPS2550 can be operated with
the AGC enabled and in this way the demodulated us, and ucos retain a
constant amplitude even for increased distances z. As a consequence, the
measurement accuracy of the calculated ¢ is improved and decoupled from
z. The second one is that the z measurement resolution can be increased
by trading-off measurement bandwidth. This is because the resolution of
frequency counters implemented digitally on an MCU depends directly on the
duration of the counting time interval [72]. If fioun: is the counter’s frequency,

X Comparator Frequency MCU
- divider )
i Chres (Optional)
' .
IPS2550 | *---- fsignal
. fIX —---— 0
e teomp Udiy feount

[V]Fq M““[ Vi [V1+
t t —’74’1,

Fig. 5.5: Schematic of the frequency-based measurement Option 2. The high frequency
excitation signal uexc is converted into a square wave signal ucomp With a high-speed
comparator for further logic counting with an MCU, running with clock frequency
feount- In case the distance between comparator and MCU is not negligible, a frequency
divider stage can be optionally included to mitigate electromagnetic noise emissions.
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fsignal = fexc the frequency to be measured and P the number of counted
periods of fygnal, it can be shown that the frequency resolution is

2
signal 1

Af ~ (5:5)

ﬁount p '
i.e, it can be enhanced by acquiring multiple periods P of figna. Clearly,
this reduces the measurement bandwidth since it increases the latency, as a
measurement is complete only when and shortly after the counter is stopped.
The measurement bandwidth is then approximately

1
foaw ~ f;ignal ﬁ (5.6)

For a measurement bandwidth of, e.g., 100 Hz and fignal = fexe = 5 MHz,
it results P = 50000. Therefore, with a MCU clock frequency of feount =
100 MHz, the frequency resolution is Af = 5Hz at z = O0mm and Af =
3.94Hz at z = 8mm. This corresponds to a z-resolution of 24.2 nm and
151.9 nm, respectively. A schematic representation of the chosen hardware
implementation for this frequency-based measurement option is shown in
Fig. 5.5.

5.4 Hardware Prototype

The presented linear-rotary ECS is realized as an integrated PCB hardware
prototype, shown in Fig. 5.6 (b). It consists of a sensor head (excitation and
pick-up coils) and a sensor interface for demodulation and frequency detection.

5.4.1 Measurement Requirements

The sensor is realized taking into account the measurement requirements
defined by the application (cf. Tab. 5.1), i.e., by the ShuttlePump’s geometry
and operation. During the linear motion, it is possible that the piston tilts
slightly, as the hydrodynamic bearing supporting it is realized with a 140 pm
gap. Given the piston’s dimensions, this leads to a maximum error of 2-90 pm
in the linear position z. It is therefore not reasonable to target a z-accuracy
below 200 um. Nevertheless, another important requirement is that the piston
does not collide with the enclosure when maximally displaced to one side. The
z-accuracy must hence be below, e.g., 0.5 mm. Finally, opening and closing of
the inlets/outlets imposes a requirement on the maximum ¢ measurement
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error. Considering that the piston’s shape allows for a maximum error of 2
mm along the circumferential direction, with the piston’s diameter of 48 mm
a ¢ measurement error no larger than 5° can be allowed.

5.4.2 PCB-Embedded Realization

The outer diameter of the PCB prototype is maximized to 48 mm, chosen
according to the ShuttlePump’s geometry, i.e., of its piston and enclosure.
The circular excitation coil has a diameter of 46.8 mm and covers the largest
possible area with the primary magnetic field. The sine- and cosine-shaped
pick-up coils cover most of the PCB area between the inner and outer diam-
eters of 17 mm and 42.4 mm, respectively. The inner radius is chosen such
that enough space is left to place the Renesas IPSz550 sensor interface. The
PCB is realized with 6 layers that are all spanned by both the excitation and

s éMttlerp S
) ~“Sensor

18 mm

Fig. 5.6: Multi-layer-PCB-embedded linear-rotary ECS. (a) Layout details (Altium
Designer) with distributed shifted turns and (b) realized hardware prototype.
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Fig. 5.7: Impedance magnitude of one of the pick-up coils, measured on the realized
prototype for different number of turns Np;c. Due to the distributed layout with
shifted turns, it can be verified that fsgrr remains around 20 MHz and a high fexe =
5MHz can be safely selected.
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pick-up coils. Therefore, the number of turns of the excitation coil is Nexc = 6.
For the pick-up coils, the number of turns is instead Np;cx = 9 and can only
be reached with the special PCB layout shown in Fig. 5.6 (a). As it can be
noticed, the coil is distributed in multiple layers and each turn is shifted along
the ¢-direction with respect to the previous one. Although this way more
turns can be fit in less layers, it should be noticed that the effective number of
turns Npickefr is lower than N, as each turn links more or less magnetic flux
according to the relative position to the target. Another advantage of shifting
the turns is that the total parasitic capacitance C, is smaller with respect to
the case of perfectly overlapped turns, thus allowing to select fe. as high as
possible. In Fig. 5.7, showing the measured impedance magnitude of one of
the realized pick-up coils, it can be observed that fsgr stays around 20 MHz
even with Ny = 9. Consequently, to maximize the induced voltage in the
pick-up coils foxc = fsrr/4 = 5MHz can be selected, which is close to the
maximum possible excitation frequency that the IPSz550 can provide. Finally,
in order to implement Option 2, a comparator is included, which generates the
digital signal tcomp used for frequency detection. In addition, since the MCU
unit of the ShuttlePump is placed outside the body and the signals have to be
transmitted via a percutaneous drive line of ~ 1m length, a flip-flop-based
frequency divider with X = 1024 stages is included to decrease the sensor
frequency without degrading the sensitivity.

5.5 Measurements and Results

In order to verify the sensor’s functionality, the realized PCB-embedded
prototype is mounted on the custom test bench shown in Fig. 5.8. The target
thickness should be selected larger than the skin depth, which is 30 pm for
copper at feyc = 5 MHz. Due to mechanical stability and only for this set of
measurements, 3 mm is chosen. The final target thickness will instead be
reduced to 0.5 mm. The test bench features two precision linear and rotary
positioning stages, which allow to accurately adjust the target’s linear and
rotary positions down to the pm range and fractions of °.

5.5.1 Option 1: Magnitude and Argument

For Option 1, the AGC of the IPSz550 is disabled, such that the magnitude
variations of the received signals are not compensated. The measurements
are reported in Fig. 5.9 (a.i, b.i, c.i). For each value of the linear position
z = {0,4, 8}mm, the rotary position is increased in steps of 10° from 0° to
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Rotary pos. stage

Sensor PCB

Non-conductive

® Linear pos. stage |

Fig. 5.8: Test bench used for the experimental sensor characterization. The sensor
PCB is fixed to the base plate and the semi-circular conductive target is mounted on
a non-conductive support. The target’s position can be accurately adjusted with a
linear and a rotary stage.

360°. Even though the amplitude of the induced voltages noticeably reduces
for increasing z, the demodulated voltages of Fig. 5.9 (a.i) can still be used
to calculate ¢ pretty accurately. The argument shown in Fig. 5.9 (b.i) is
calculated taking into account that the measured ugy, and ucos are sampled
with a 10-bits ADC and are hence quantized in 1024 levels. This influences
the final ¢-error, which is shown right below the calculated argument. The
worst case occurs for the largest distance z = 8 mm, as ugj, and ucs have the
smallest amplitude then and hence their quantization is more coarse. As a
result, the maximum @-error is @errmax = 7°, which results in a worst-case
percentage non-linearity of 1.94%. For what concerns the linear position
z, from the results of Fig. 5.9 (c.i) it is possible to calculate the best- and
worst-case z-sensitivities, which are 1.42 V/mm at z = 0 mm and 0.16 V/mm

Tab. 5.2: Linear-Rotary ECS measurement results.

Option 1 Option 2
z-sensitivity | 1.42 - 0.16 V/mm | 750 - 46.4 kHz/mm
z-resolution 3.39 - 30 um 6.75 - 90.5 nm
z-bandwidth 10 kHz 100Hz
@-error (max) 3.75-7° 3.84-458°
@-bandwidth 10 kHz 10 kHz
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Fig. 5.9: Experimental measurements for the linear-rotary ECS for both z measurement
options. (a.i, a.ii) Measured voltages ugj, and ucos at the output of the IPS2550 without
(Option 1) or with (Option 2) AGC for z = {0, 4, 8}mm. (b.i, b.ii) Calculated argument
from ugj, and uces and resulting ¢ measurement error for z = {0,4,8}mm. (c.i)
Measured magnitude of ug, and uces versus the linear position z, with indicated
best- and worst-case amplitude sensitivities. (c.ii) Measured excitation frequency fexc
versus the linear position z, with indicated best- and worst-case frequency sensitivities.

at z = 8 mm, respectively. Consequently, with a 10-bits ADC, the final z-
resolution is 3.39 pm at z = 0mm and 30 pm at z = 8 mm. Finally, the
measurement bandwidth for both z and ¢ is in this case defined by the cutoff
frequency of the internal low-pass filter used for demodulation, which for the
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IPS2550 is 10 kHz [68]. An alternative worth mentioning for Option 1, although
not implemented, would be to keep the AGC enabled and read periodically
the internal gain used by the AGC via the 12C interface used to program
the IC. This allows to obtain magnitude information while retaining the full
amplitude for ug, and uces.

5.5.2 Option 2: Frequency and Argument

For Option 2, the AGC of the IPSz550 is enabled instead, as the linear position
is measured from the excitation frequency foy.. The measurements are then
repeated and shown in Fig. 5.9 (a.ii, b.ii, c.ii). Due to the AGC, the amplitude
of the induced voltages in Fig. 5.9 (a.ii) does not reduce for increasing z.
Therefore, ugj, and ucos are always quantized into the same number of levels,
which with the argument calculation of Fig. 5.9 (b.ii) translates into a lower
p-error for the worst-case of z = 8 mm. This time, in fact, the maximum
€ITOT 1S Perrmax = 4.58°, which results in a percentage non-linearity of 1.27%.
From the results of Fig. 5.9 (c.ii), showing this time how fuy. varies versus
z, the best- and worst-case z-sensitivities are 750 kHz/mm at z = 0 mm
and 46.4kHz/mm at z = 8 mm, respectively. As discussed in Sec. 5.3.2,
in this case the measurement resolution is defined according to (5.5). The
MCU clock is feount = 100 MHz and due to the frequency divider fiigna =
fexe/1024 = 4.98kHz at z = Omm and fgnal = fexc/1024 = 4.53kHz at
z = 8mm. Consequently, for a 100 Hz measurement bandwidth P = 50
and Af(z = 0mm) = 0.005Hz and Af(z = 8mm) = 0.004 Hz, hence the
achievable z-resolution is 6.75 nm at z = 0 mm and 90.5 nm at z = 8 mm.

5.5.3 Comparison and Discussion

The achieved ECS specifications for both options are summarized in Tab. 5.2.
As mentioned, the effect of the AGC on the measured ¢ can be seen by
comparing the g-error for both cases. As it can be seen, Option 2 benefits
from it, with @errmax always below the maximum allowed 5°. Although
for Option 1 @errmax > 5° for the worst-case distance z = 8 mm, it should
be observed that opening/closing of the ShuttlePump’s inlets/outlets occurs
when the piston is close to the enclosure’s sides. In that case (i.e., z = 0 mm),
both options are usable and offer comparable ¢-accuracy with errors below 5°.
For the linear position z, the frequency-based Option 2z considerably increases
the z-resolution by trading-off measurement bandwidth. Nevertheless, for
the targeted application, also Option 1 offers sufficient z-resolution. Finally, it
should be mentioned that Option 1 only requires two measurement signals
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(usin and ucos), Wwhereas Option 2z additionally requires the excitation voltage
Uexe (processed into ugiy) to measure foye.

5.5.4 Real Mission Profile - Dynamic Operation

Starting from the measurements of Fig. 5.9, it is finally possible to predict
the actual sensor outputs during the dynamic operation of the ShuttlePump.
For this, the linear-rotary mission profile for one period in Fig. 5.10 (a) and
Fig. 5.10 (b) is used. The linear motion follows a sinusoidal trajectory from
one side of the enclosure to the other and back, while continuously rotating
with constant speed, all at f;, = 5Hz. Fig. 5.10 (c) and Fig. 5.10 (d) show the
resulting 2.5 V-offset-free ug;, and ucos for Option 1 and are generated interpo-
lating the results of Fig. 5.9 (c.i). The outputs are generated also for a second
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Fig. 5.10: Dynamic operation of the ShuttlePump with the actual mission profiles for
(a) linear position z(t) and (b) rotary position ¢(t). The offset-free linear-rotary ECSs
outputs for Sensor 1 (at z = 0 mm) and Sensor 2 (at z = 16 mm) are shown in (c) for the
sine output ugj, and (d) for the cosine output ucos. The frequency of the modulation
carrier is not to scale and only reported for conceptual purposes.
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sensor placed on the opposite axial surface at z = 16 mm, thus emphasizing
the advantage of using the differential measurement configuration.

5.6 Summary

In this chapter, a compact integrated eddy-current linear-rotary position
sensor for the ShuttlePump was proposed. The ECS was obtained by extending
a commercial rotary ECS into a full linear-rotary one by appropriate post-
processing with two linear position measurement options. The experimental
results showed that both are usable for the targeted application, with linear
and rotary position accuracies below the required 100 pm and 5° and largely
sufficient measurement bandwidths > 100 Hz. Therefore, as a next step, the
proposed ECS can be used for feedback position control of the ShuttlePump’s
piston.
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Chapter Abstract
Closed-loop speed and/or position control of electromechanical blood pumps used in circula-
tory assist devices is essential to guarantee their functionality. This is especially important
for the ShuttlePump, to guarantee that the specified linear-rotary motion is tracked while
providing the necessary hydraulic force and torque. This chapter provides the details of
the closed-loop linear-rotary position control system required to operate the ShuttlePump.
The design of the position control system targets tight reference tracking (+8 mm linear
stroke and continuous rotation) up to an operational frequency of 5Hz, under the heavy
disturbance introduced by the axial hydraulic load force, as high as 45 N. The experimental
measurements show successful linear-rotary position tracking under the specified axial load,

| with a maximum error of 1 mm and 5°. |

6.1 Introduction

Electro-mechanically actuated blood pumps inevitably need feedback control
to operate. For instance, for rotary blood pumps the angular speed of the
impeller needs to be controlled to guarantee a specified flow rate [73, 74].
Similarly, some positive displacement blood pumps make use of a controlled
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linear motion to push the blood into circulation [75,76]. Finally, the most ad-
vanced blood pumps featuring active magnetic bearings strictly rely on stable
position control of the levitated impeller [77,78]. Also the ShuttlePump is an
eloquent example of the importance of feedback control in enabling blood
pumping operation. This chapter represents a point of arrival in the develop-
ment of the complete ShuttlePump drive system. The realized LiRA prototype
is complemented with its inverter and control unit, on which the closed-loop
linear-rotary position control system is implemented. This way, it is possi-
ble to show simultaneous linear-rotary position control and test the LiRA
under the required axial load. The chapter is structured as follows. Sec. 6.2
recapitulates the characteristics of the realized LiRA that are relevant for
system modeling and control, and defines the motion control requirements.
In Sec. 6.3, the derivation of an electro-mechanical dynamical model for
the LiRA of ShuttlePump is presented. This is used in Sec. 6.4 to design the
cascaded current and linear-rotary position control systems. The hardware
implementation of the entire system is then discussed in Sec. 6.5. The experi-
mental verification with the LiRA operated in closed-loop follows in Sec. 6.6.
Finally, Sec. 6.7 concludes the chapter.

6.2 ShuttlePump LiRA and Motion Control Re-
quirements

This section reports the parameters of the designed LiRA discussed in the pre-
vious chapters, and that are relevant for system modeling and control. Further-
more, the motion control requirements (motion profile, required force/torque)
are defined.

6.2.1 Parameters of the LiRA and Linear-Rotary Position
Sensors

The final design of the LiRA looks like in Fig. 6.1, with the dimensions of
Tab. 4.1, here reported in Tab. 6.1. The parameters that are relevant for the
subsequent electro-mechanical system modeling and feedback control are
instead collected in Tab. 6.2. The winding of the LA consists of 6 circular coils
with resistance R jin = 2.2 Q and inductance L i, = 4.7 mH. For each phase, 2
coils are connected in antiseries. Therefore, in the following sections, the total
phase resistances Ry, = 2 - R.Jin and inductance Ly, = 2 - Lc }in are considered
for the LA. The winding of the RA instead consists of 12 concentrated coils
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Fig. 6.1: Sectional (xy- and yz-) views of the ShuttlePump, showing its enclosure and
specially-shaped piston with annotated dimensions, reported in Tab. 2.2. Also the
designed LiRA is visible, consisting of linear and rotary stators (around the enclosure)
and the moving part with NdFeB permanent magnets, i.e., the mover, which is embed-
ded in the piston [27, 28].

with resistance R.rot = 6.4 Q and inductance Leyor = 6.9 mH. With 4 coils
per phase, Ryot = 4« Rerot and Lyot = 4 - Lc ror are considered. The measured
machine constants (cf. Fig. 3.16 (a) and Fig. 4.16 (b)) are reported here for
convenience in Fig. 6.2. On average, the force and torque constants are ky =
229N/A and kra = 33.3mNm/A, respectively. The phase flux linkages
Vab,c} {linrot} for the LA and the RA are extracted from FEM simulations and
reported in Fig. 6.3.

For what concerns the sensors, two of the realized linear-rotary eddy-
current position sensors are used, placed on the two sides of the enclosure.
From the demodulated voltage output signals, the rotary position measure-
ments are obtained as

@(sis2} = atan2 (Ugin {$1,52)> Ucos,{S1,52) )5 (6.1)
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Tab. 6.1: Specifications of the ShuttlePump (cf. Fig. 6.1), reported from Tab. 4.1.

Name Symbol Value Unit
Maximum axial dimensions Lax 105 mm
Maximum radial dimensions dout 70 mm
Piston axial length I 78 mm
Piston outer diameter d, 48.72 mm
Inter- in-/outlets distance Lid 40 mm
Inlet/outlet diameter d; 12 mm
Enclosure thickness (lateral) dencl 0.5 mm
Blood gap dyg 140 um
Magnetic gap dag min 1 mm
Axial stroke amplitude Zstrk 8 mm
Maximum axial force Freqpeak ~43 N
Axial torque Mieq 31 mNm
Maximum radial force Fradmax 25 N
Piston frequency fop 1.5-5 Hz
Piston rotational speed Qop 90-300 rpm
Max. speed ripple (open loop)  AQqp max 200 %
Operating conditions 25-9 L/min
Max. average cont. losses Py avg max 10 W
Blood temperature increase ATax 2 K

whereas the linear position is calculated from the magnitude as

— 2 2
Z{s1s2} = fﬁt ( \/usin,{Sl,SZ} + ucos,{Sl,SZ}) > (6‘2‘)

where f is the inverse of a fitted exponential calibration function. The mea-
sured sensor signals are post-processed with a linear weighting according to
the axial position of the piston, as further explained in Appendix B. This
is done to use the information from the sensor that is closer to its target,
for which the measurement signals have better quality (higher sensitivity,
less noise). The measurement bandwidth is fens = 10 kHz, which is largely
sufficient and hence does not introduce significant delays to be considered
during the design of the controller.
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Fig. 6.2: Measured machine constants, compared to the simulated values from FEM,
for (a) the LA and (b) the RA. Both exhibit a position dependency due to the motor
characteristics [27,28]. On average, ko = 22.9N/A and kgra = 33.3mN m/A.
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Fig. 6.3: Simulated phase flux linkages ¥{, 1, ¢} {linrot} fOr (a) the LA and (b) the RA
for a cycle of operation with frequency fop = {1.5,...,5}Hz.
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Tab. 6.2: Control-oriented parameters of the realized ShuttlePump LiRA.

Name Symbol Value Unit
Mover mass Mmov 0.248 kg
Linear friction coefficient blin 1 Ns/m
Mover moment of inertia Jmov 70 kgm?
Rotary friction coefficient brot 107*  Nms/rad
Phase resistance (LA) Riin 2:-22 Q

Phase inductance (LA) Liin 2-47 mH
Phase resistance (RA) Rrot 4-64 Q

Phase inductance (RA) Lyot 4-6.9 mH
Force constant kia Fig. 6.2 (a) N/A
Torque constant kra Fig. 6.2 (b)) mNm/A
Pole pitch (LA) Tpop 24 mm

Pole pairs (RA) P 4

Peak flux linkage (LA) Pprlin 70 mWb
Peak flux linkage (RA) ‘i’pM,mt 7.3 mWb
LC filter inductance L¢ 22 pH

LC filter capacitance Ct 10 uF

LC filter damping resistance R 2 Q

6.2.2 Motion Control Requirements for the LiRA

It is now important to briefly pinpoint the motion control requirements that
guide the following linear-rotary position control design. The specified motion
profile for the piston is shown in Fig. 6.5. Synchronization of the axial/linear
position z,4, with the angular/rotary position ¢y is essential. In fact, the
pump operates correctly if the blood is pushed out of one chamber only when
its inlet is closed and its outlet opened. To guarantee that this condition is
respected with the given piston and enclosure geometry, the piston holds
its axial position for a short time interval t,04 at the two edge positions
Zmov = *Zstk, While the rotation continues (cf. Fig. 6.5). The duration of the
hold interval depends on the operational frequency as

Prold 1
360° fop

thold = (6.3)

where @polq is the rotary angle to be traveled during the hold phase, which is
strictly linked to the rotary positioning accuracy.
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Fig. 6.4: Sectional view of the ShuttlePump for the case ¢moy = 180°. According to
the given geometry of the piston and the highlighted angles, the inlet closing phase
and the outlet opening phase are defined.
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Fig. 6.5: Specified linear (a) and rotary (b) motion profile of the ShuttlePump, with
force and torque requirements. Both motions have to be synchronized and tracked
in the operational range fop = {1.5,...,5}Hz. The hydraulic load force Fjo,q and the
cogging torque Mcogg are the main disturbances to be rejected by the position control
system. The inlet closing phase and the outlet opening phase are highlighted in green
and yellow, respectively.
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Fig. 6.6: Axial-rotary position diagram with highlighted tolerance bands. The control
error boundaries zy,; = 1mm and ¢y, = 5° should be respected tightly in the range
Pmov = [153°,207°].

To understand how ¢}1q can be selected, consider the sectional view
of Fig. 6.4. With a diameter of dj, = 12mm, a single inlet/outlet spans
28° along the inner circumference of the enclosure. When the piston blade
lies horizontally, i.e., for gmo = {0,180}°, it occludes an angle of 27° in
front of both the inlet and the outlet, as the angle to the flat edge of the
blade is 13°. For the sake of simplicity, consider only the case @yoy = 180°
illustrated in Fig. 6.4 (the case ¢y, = 0° is analogous). With the given
geometry and angles, it is possible to define the inlet closing phase over
the range ¢mov = [153°,181°], and the outlet opening phase over the range
Pmov = [179°,207°]. With ¢poq = 2 - 10°, i.e., with a symmetric plateau in
the axial position over 18° of rotation in the range ¢noy = [170°,190°], a
maximum rotary position lead/lag (or maximum absolute rotary position
error) of @errmax = 9° can be tolerated. This way, the outlet opening phase
can start as late as at @m0y = 188° (lag case) or the inlet closing phase can end
as early as at gpnoy = 172° (lead case), with 2° of margin for both cases, hence
without compromising the pumping operation.

It should be further considered that @eyy max consists of two components,
namely a control component @errcontr = @Pref — Pmeas due to the tracking
performance of the rotary position controller and a measurement component
Qerrmeas = Pmeas — Pmov given by the sensor accuracy. In total, @errmax =
|¢err,c0ntr,max| + |qoerr,meas,max| in the worst case. Considering that the sensor
introduces already |(perr,meas,max| = 4° [52], the specification on the tracking
error for the rotary position controller is set to ¢ = ‘(Perr,contr,max =5° As
indicated in Fig. 6.6, this specification should be respected tightly in the
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ranges ¢mov = [153°,207°] and @mov = [0°,27°] U [333°,360°], i.e., from
the beginning of the inlet closing phase till the end of the outlet opening
phase. Finally, it should be observed that, if necessary, it is always possible
to extend the duration of tp01q4 to accommodate for larger rotary positioning
inaccuracies. However, this results in a sharper linear motion profile with
higher acceleration, which requires higher current and hence ohmic losses in
the LA.

For the linear motion, the main requirement on the tracking of the quasi-
sinusoidal motion profile is that the piston does not hit the axial ends of the
enclosure. As a safety margin of 3 mm between piston and enclosure at the
two edge positions zmev = 2z is already considered in the dimensions of the
ShuttlePump, the maximum tracking error for the linear position controller is
set to zyo] = |zerr,contr,max\ = 1 mm. This specification should be met particularly
around the plateau phase (cf. Fig. 6.5).

6.3 Electro-Mechanical System Modeling

This section introduces the electro-mechanical model [79-81] of the Shut-
tlePump LiRA. First, the mechanical linear and rotary dynamic subsystems are
derived and linearized. The radial dynamics of the piston is not considered,
as it is stabilized by the hydrodynamic journal bearing. Then, the electrical
subsystem describing the phase currents of the LiRA in the mover-oriented
frame is introduced. Note that in the following, in order to keep the notation
simple, the dependency on time ¢ is not explicitly indicated.

6.3.1 Linear/Axial Position Dynamics

In order to describe its axial z-motion, the piston of the ShuttlePump is mod-
eled as a rigid body with mass My, for which the force balance

d?z 1

Fiot = (Fz + Fcogg — Faic — Fload) (6.4)

dr? Mmov Mmov
is written. In detail:

> F, is the electro-mechanical internal axial force generated and exerted
by the stator of the LA on the mover. It is the input of the system.

> Feogg is the cogging force of the LA. Due to its small amplitude (by
design, [27]), it can be neglected and eventually modeled as an input

disturbance.
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Fload «------ |
A[tot i
Frot 5 Meogg +-----1
h / Mmov, Jmov Max ‘Pr:nov

(a) (¢)

Fig. 6.7: (a) Free-body diagram of the piston of the ShuttlePump, with enclosure (&)
and piston (P) reference frames. The piston linear-rotary motion is described with
respect to the frame & with the axial position zmey and the angular position @moy.
(b) Open loop block diagram for the linear/axial z-dynamics with input disturbance
Fload- () Open loop block diagram for the rotary/angular ¢-dynamics with input
disturbance Mcogg.

» Fp;c is the friction force, modeled as a viscous friction Fgi. = by %
with the coefficient by, representing the viscosity of blood.

> Fioad is the required hydrodynamic load force of Fig. 6.5 (b). Although
this actually depends on the axial position zy,y, it is not included in
the plant, but modeled as an external input disturbance.

The equilibrium points of the dynamics in (6.4) are found imposing g = =0.
This is satisfied for z = zg; = const, with zgs € [—Zsrk, Zstrk ], and with the

steady-state input force F, s = Fioad. The plant in the Laplace domain becomes

Zis) 1
F,(s) Mmov $% + blin s’

Gy(s) = (6.5)

which is valid Vzss € [—2zsyk, Zstk]- G, has one pole in the origin (4,; = 0)
and one pole in the left-half plane (1,5 = —bjin/Mmoy), S0 it is only marginally
stable in open loop. The modeled plant for the axial dynamics is finally
represented by the block diagram in Fig. 6.7 (b).
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6.3.2 Rotary/Angular Position Dynamics

For what concerns the rotational ¢-dynamics, the piston is analogously mod-
eled as a rigid body with a moment of inertia Ji,o, and the torque balance

d%e 1 1
e — Mot = —— (Max + Mcogg — Mfric — Mload) (6~6)
dt Jimov Jmov

is written. Similarly:

> M,y is the electro-mechanical internal torque generated and applied by
the RA to the mover. It is the input of the system.

> Mcogg is the cogging force of the RA, reported in Fig. 6.5 (c). Also in
this case, although it exhibits a dependency on the rotary position ¢mey,
it is modeled as an external input disturbance to the system.

> Mgic = brot i—‘f is the viscous friction torque, modeled with the coeffi-
cient by representing the blood viscosity for the rotary motion.

> Mipaq is the required hydrodynamic load torque.

2
The equilibrium points of (6.6) are found for (31720 = 0, which is satisfied
for ¢ = g5 = const, with ¢g € [0, 277], and with the steady-state input torque
Maxss = —Meogg + Migad- The plant in the Laplace domain becomes

qD(s) _ 1
Max(s)  Jmov $2 + brot s

Analogously to (6.5), this has the poles 4,1 = 0 and A,5 = —brot/Jmov. The
modeled plant for the rotary dynamics is represented by the block diagram
in Fig. 6.7 (c).

th(s) =

(6.7)

6.3.3 Electrical Dynamics in the Mover-Oriented Frame

The dynamic model of the electrical subsystem describes the transient behav-
ior of each phase current of the LiRA. As known, this is captured by the stator
equation, which can be written for both the LA or the RA by simple analysis
of the equivalent circuit model of Fig. 6.8 (a). The stator equation is

. dis ab.c)
Us {ab,c} = R{a,b,c} Is,{a,b,c} + L{a,b,c} % + Ug,{ab,c}s (68)

where
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> U {abc} and is (apc) are the phase voltage and current, respectively,
> Ryiapcy and Ly, pcy are the phase resistance and inductance, respectively,

> Ug(abc) = d‘//ii# is the induced voltage caused by the changing mag-

netic flux linkage with the stator coils {/(4},c} (reported in Fig. 6.3) due
to the mover’s linear and/or rotary motion.

By orienting the stator field (Field-Oriented Control) correctly with respect
to the mover field, the necessary electromechanical force F, or torque M,y is
generated. In particular, field orientation requires the electrical angle

9 = £ 2, for the LA
O —{ €Ty Ty (6.9)

B @el = Pomoy  for the RA
where 1, is the pole pitch of the LA and P the number of pole pairs of the

RA. Transforming the stator equation (6.8) into the mover-oriented dq-frame
(cf. Fig. 6.8 (c-d)), one obtains

. dis (a,q)
Us(da) = Rida} Isfda) + Liaqy —5, +

_dba . dyiaqr  dbe 6.10
T Laa bstaqy + —5— — 3 Viea) - (6.10)

Uff.{d.q}

As both the LA and RA have a non-salient pole translator/rotor,

Riin, Liin) ~ for the LA
(Rd’ Ld) = (Rq, Lq) = ( : ! ) s (6.11)
(Rrota Lrot) for the RA
whereas for the flux linkage due to field-orientation it holds
(¥ppilin, 0)  for the LA
(Y. ¥q) = . ; (6.12)
(¥priror, 0)  for the RA

which can also be verified by transforming the phase flux linkages ¥/}
in Fig. 6.3 to the dg-frame. The dg-transformation of the time derivatives
introduces cross-coupling terms that are compensated as feedforward voltages
ug,(d,q}- This way, the d- and g-dynamics are correctly decoupled and can
hence be controlled independently. The resulting open loop plants are

1

—_ (6.13)
Liaqy s +Ryaq)

Gc,{d,q} (S) =
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as shown in the block diagram of Fig. 6.8 (b).

For completeness, the electrical subsystem is complemented with a simple
model of the inverter used to supply the LiRA. This consists of the delay
element introduced by the power electronics and the foreseen LC output filter
(cf. Sec. 6.5). For the former, a first order approximation is sufficient, i.e.,

=—, (6.14)
PE

where Tpg is the sum of the switching period and the controller update period.
For the latter, the transfer function has the well-known second-order form

1

Gre(s) = (6.15)

S e—
LiCrs? + Ls+1
flf Rr

where Ly and Cy are the filter capacitance and inductance and Ry is the
resistance of the damping resistor.

Fig. 6.8: (a) PMSM equivalent circuit with phase resistances, inductances and induced
voltages, valid either for the LA or the RA. (b) Open loop block diagram of the electrical
subsystem in the mover-oriented frame with voltage cross-coupling terms introduced
by the dg-transformation. The diagram is valid either for the LA or the RA with the
generic electrical angle 0, in (6.9). (c) LA part of the ShuttlePump, with indicated
mover-oriented frame. (d) RA part of the ShuttlePump, with indicated mover-oriented
frame.
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6.4 Control System Design

This section covers the design of the linear-rotary position control system of
the ShuttlePump LiRA.

6.4.1 Control Structure and Specifications

Position or speed control of PMSMs typically makes use of the well-established
technique of cascaded control. As the mechanical linear and rotary dynamics
are well decoupled, they are controlled by independent single-input-single-

ldq ref

M e Current Uqq dq Uabe Inverter: LA
Controller| Controller i a’gfl Tabe q ﬂ@
% Zmeas
o Outer Control Loop
Ref. Gen. [
L Hot. Pos. rCfCurrent Ydq dgq Yabc Inverter_ L
#ref|Controller Controller tdq agfl Labe D 1
@ Pmeas

Outer Control Loop

Fig. 6.9: Overall control diagram of the ShuttlePump LiRA. The two independent
cascaded loops consist of an outer linear or rotary position control loop and an inner
dg-current control loop. The two loops get synchronized linear and rotary position
references from the reference generator.

Tab. 6.3: LiRA control specifications for the ShuttlePump.

LA dg-Current

RA dg-Current

Max tracking error
Control BW
Input sat. limit

i{dq}.err = 0.05A
we = 2w 600rad/s
U{dq}lim = T13V

i{dq}er = 0.05A
we = 2 600rad/s
U{dq}lim = 13V

Linear Position z

Rotary Position ¢

Max tracking error
Control BW
Input sat. limit

Zerr,max — 1mm
w, = 2w 150rad/s
FRim = £kia2.7A

Perr,max = 5°
w, = 2m80rad/s
Mijm = +kra 0.5 A

116



6.4. Control System Design

output (SISO) controllers. Therefore, as illustrated in the diagram of Fig. 6.9,
there is two independent cascaded controllers, each consisting of an outer
control loop for the (slower) mechanical linear or rotary dynamics and an inner
control loop for the (faster) electrical dynamics. For these to work properly,
it is necessary to guarantee that the dynamics of the two loops are decoupled.
Specifically, the inner electrical loop is expected to regulate the required
force- or torque-generating current components ‘almost instantly’ from the
point of view of the outer mechanical loop. In the frequency domain, this
means that the closed-loop bandwidth of the inner loop should be much larger
(e.g., by a factor 10) than the one of outer loop. This leads to the definition
of the control specifications in Tab. 6.3. The motion control requirements
previously defined in Sec. 6.2.2 are complemented with frequency-domain
specifications on the control bandwidths and the input saturation limits. As all
the controllers need to be implemented digitally, the design is first conducted
in continuous time and the discretization is performed in a second step.

6.4.2 Current Controller Design

For the dg-current controllers, a simple PI controller of the type
1
KPI,C(S) = kp,c + ki,c ; (6.16)

is sufficient, implemented as in Fig. 6.10 (a). This can, e.g., be tuned with
classical loop shaping methods [82]. The electrical plant considered is
Getot(s) = Ge(s), ie., the influence of the LC output filter and of the de-
lays introduced by the power electronics are neglected. This is allowed, as
for frequencies up to the targeted w. = 27 600 rad/s, Grc(s) and Gpg(s) are
both approximately equal to 1. As shown in the bode diagram of Fig. 6.10 (b),
the crossover frequency of the loop gain L.(s) = G.(s) Kprc(s) is set to the
desired closed-loop bandwidth w. = 27 600 rad/s. The specified phase margin
is ¢ = 50° to guarantee a fast response, even at the cost of a slightly under-
damped behavior, that is nevertheless tolerable by the system. The necessary
PI gains for this design are reported in Tab. 6.4, both for the LA and the RA
case.

The designed controller Kpi(s) is tested in simulation on an accurate
model of the LiRA built in the software PLECS [83]. The results of the simula-
tion are reported in Fig. 6.11. The assigned references are representative of
typical operation: for the g-current a sine with amplitude iqnom = 2 A and fre-
quency fopmax = 5 Hz, whereas for the d-current a constant iq.r = 0 A. Note
that while the g-current is correctly tracked, the d-current is not disturbed
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i{d,q},ref

Phase [deg]

(b)

Fig. 6.10: (a) Closed-loop dg-current control block diagram, valid either for the LA
or the RA electrical subsystems in the mover-oriented frame. The d- and g-voltages
commanded by the PI controller Kpy(s) are corrected with feed-forward components
for proper decoupling of the d- and g- dynamics (cf. Fig. 6.8 (b)). (b) Bode plots of
the current control loop (LA case): plant G¢(s), loop gain L.(s) and complementary
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and successfully kept to 0 A due to proper decoupling of the two current
components. Furthermore, it can be seen that the g-voltage stays within the
saturation limits u(qq),lim = £13 V. To account for eventual voltage satura-
tions, the integrator of the PI controller is implemented with an anti-windup
scheme, using conditional integration [84].
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0 0.2 0.4 0.6 0.8 1
Time [s]

Fig. 6.11: dg-current control: simulated tracking response (PLECS [83], LA case) for
the references igref = 2 Asin(275t) and iqrer = 0, together with voltage commands

U{dq}-

6.4.3 Linear/Axial Position Controller Design

For the z-position controller, derivative action is also needed to reach the
targeted closed-loop bandwidth w, without prohibitively large gains. The
PID controller is typically implemented in the form

1 S
Kpm o (s) = kpz+kiz = +kiz —, (6.17)
S —s+1

ke,

i.e., with a first-order filter on the derivative term. This makes the derivative
term proper and hence practically realizable. Furthermore, it beneficially
reduces high-frequency noise introduced, e.g., by the measurement signals.
Another option is to implement a state observer, which provides a smooth
estimate of the axial translational speed Z.s to be used for the derivative
action. Note that the dot notation (%) is used to indicate the time-derivative
d(x)/dt. The state observer can also provide a smooth estimate of the axial
position zest, which is used for control as well. As shown in the block diagram
of Fig. 6.12 (a), the control action (or force command) is then computed as

F, = p,z(zref — Zegt) + ki,z / (Zref — Zest) dt + kd,z (Zref = Zest), (6.18)

where z,s is the reference position and z,.f its time-derivative (that can be, e.g.,
pre-computed). The chosen state observer is a Luenberger observer, shown
in the diagram of Fig. 6.12 (b) [85,86]. In order to use the estimates z.y and
Zest for closed-loop control, they have to converge to the estimated values
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Disturb. [—
Observer Fload
F,
GZ(S) Zmov
2ref @
Zos
est] State
- n
Fout Observer Zmons z
(a)
Zest
Zest

270 \F"W/ |

1072 10° 102 101
(d) Frequency / 2w [rad/s]

Fig. 6.12: (a) Closed-loop z-position control block diagram, employing a state observer
and a disturbance observer. (b) Implemented Luemberger observer, estimating the
linear position zmey and speed Zmoy from the measured position zmeas and the force
command F,. (c) Implementation of the disturbance observer with the filter Q(s) to
perform the plant inversion of G,(s). (d) Bode plots of the linear position control
loop: plant G,(s), loop gain L,(s), complementary sensitivity T,(s), and disturbance
transfer D,(s).
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reasonably fast with respect to the targeted bandwidth of the z-controller w,.
Therefore, the poles of the observer should be placed on the left-half plane
with a real (negative) part equal to or greater than about 5 - w,.

The targeted control bandwidth w, = 27w 150rad/s is chosen to pro-
vide good reference tracking up to w,yr = 27 5rad/s (recall that the maxi-
mum operational frequency of the ShuttlePump is 5Hz). For this purpose,
/3 =10 W, ref = 271 50 rad/s would already be sufficient. However, it is nec-
essary to consider also the load force Fjo,4, acting as a heavy input disturbance
to the system. As visible from Fig. 6.5 (b), this has a fundamental component
with frequency w, gist = Wz rer (i-€., the same as the reference), but a rather
large amplitude Fload = 33N. The larger the control bandwidth, the better the
disturbance due to Fjo,q is rejected. Therefore, the PID z-controller is tuned
with w, = 27150 rad/s and a phase margin ¢, = 30° using the pidtune
command in MATLAB, with the gains indicated in Tab. 6.4. The correspond-
ing Bode plots are shown in Fig. 6.12 (d). In particular, the disturbance
transfer
Gy(s)

D) = 176,05 Koo )

(6.19)
can be used to study the disturbance rejection capabilities of the control loop.
Assuming the load force consists solely of its fundamental component, i.e.,
Fload = ﬁload Sin(27 wy gist ), the disturbance response would have an amplitude
Zdist = |DZ (j (/)Z,ref)| - Fload = 0.21 mm, which is adequately small.

The disturbance rejection can be further enhanced with a feed-forward
component Fg on the force command that compensates F,,4. One option is to
preprogram Fy ~ Fioaq according to, e.g., the results of the CFD simulations.
Ideally, if Foaq Was perfectly predicted, it could be completely compensated.
Nevertheless, this is hardly the case due to the nature of the hydrodynamic
forces acting on the piston. If Fy is substantially incorrect, it could lead to even
worse reference tracking results compared to the case when it is not added at
all. This can happen under certain circumstances and operating conditions,
like, e.g., for a reduced/increased head pressure, and hence load force. A
more advanced option is to implement a disturbance observer (DOB) [87-89].
Similarly to the state observer, this exploits the model of the plant G,(s) to
calculate an estimate Fy,p, of the load force Fy,q. The disturbance observer
is implemented as in Fig. 6.12 (c). In order to invert the plant G,(s), it is
necessary to introduce a filter term

w q
Q(s) = (L()b) (6.20)
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Fig. 6.13: (a) Linear position control, simulated reference tracking (PLECS): response
and tracking error with (solid line) and without (dashed line) disturbance observer
feedforwarded. (b) Linear position control, simulated reference tracking (PLECS):
corresponding load/disturbance force Fy,4, force command F,, and observed force

Fiob-

with order g, chosen such that G, !(s) Q(s) is proper. For the case at hand,
q = 2. The cutoff frequency wqo, should be on one hand large enough to
provide good tracking of the disturbance F,,g4, but, on the other hand, not
too large to avoid introducing noise in the feedback loop. In the case at hand,
Wdob = 27100 rad/s is selected.

The controller is tested in the PLECS model and the simulation results are
shown in Fig. 6.13 (a) and (b). To better visualize the details, only one period
of the 5Hz operation is shown. Fig. 6.13 (a) shows successful tracking of
the sinusoidal reference with amplitude zg,; = 8 mm, and the corresponding
tracking error ze;y. Two cases are simulated, namely with and without dis-
turbance observer used as feedforward compensation. Without disturbance
observer, z. is already below the specified boundaries, with a maximum
absolute error zeyrmax = max(|zery|) = 0.57mm. The disturbance observer
helps reduce the tracking error to an absolute maximum of Zeyy max = 0.37 mm.
The corresponding force command F, is reported in Fig. 6.13 (b), and it is
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compared to the disturbance load force Fio,q. To effectively compensate it, the
force command F, uses the force Fy,}, estimated by the disturbance observer,
which closely captures Fg,q.

6.4.4 Rotary/Angular Position Controller Design

For the ¢-position controller, it is possible to follow analogous design con-
siderations as for the presented z-position controller. The block diagram
of the control loop is shown in Fig. 6.14 (a). Also in this case a derivative
term is needed and provided by a Luenberger state observer for the rotary
dynamics, in the same form seen in Fig. 6.12 (b). The targeted bandwidth
is w, = 2w 80rad/s, chosen to track the ramp reference ¢..; with a slope
of 27 5rad/s. The controller is again tuned with the aid of the pidtune
command in MATLAB, the selected phase margin is ¢, = 40° and the nec-
essary gains can be found in Tab. 6.4. The corresponding Bode plots are
shown in Fig. 6.14 (b). This time, the main disturbance to the system is the
cogging torque Mcog. Its effect is not as severe as the load force disturbing the
z-controller. Therefore, with the chosen bandwidth, M. is already largely
attenuated, and no special disturbance rejection measure is taken. Option-
ally, it would be possible to introduce a preprogrammed feed-forward torque
component Mg ~ Mcogg [90,91]. In fact, the profile of the cogging torque is
well-known from the Finite Element Method (FEM) simulations of the RA
(more accurately than what CFD simulations would predict for Fiaq).

The results of a PLECS simulation are shown in Fig. 6.15 (a) and (b). As
expected from the system type of the loop gain (that contains one integrator),
the ramp reference ¢..r can be tracked very tightly (ideally with zero steady-
state error). The tracking error @, in Fig. 6.14 (c), not larger than @err max =
max(|@er|) = 0.57°, is then caused by the disturbance Mcyge. In particular,
Fig. 6.15 (b) shows how the torque command M, counters the cogging torque
Mcogg, but reaches its saturation limits. During the intervals while the control
action is saturated, the tracking error is the largest. Nevertheless, this is not
of concern, as @, is way within the specified boundaries (cf. Tab. 6.3).

6.4.5 Controller Discretization

Once the design in continuous time is completed, the controllers need to be dis-
cretized for digital implementation. The execution frequency (or reciprocally
time) of each controller fo; = 1/T is indicated in Tab. 6.4. Given that the
execution frequencies are much larger than the chosen control bandwidths,
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Fig. 6.14: (a) Closed-loop ¢-position control block diagram, employing a state ob-
server. (b) Bode plots of the rotary position control loop: plant Gy (s), loop gain Ly, (s),
complementary sensitivity Ty, (s), and disturbance transfer Dy, (s). (c) Simulated refer-
ence tracking (PLECS): response and tracking error. (d) Simulated reference tracking
(PLECS): corresponding cogging/disturbance torque Mcogg and torque command M,.

the mapping used is the Forward-Euler, for which the gains are adapted as
kp,disc = Kp,cont> ki,disc = Kj,cont * Tex, and kd,disc = kd,cont . ﬁx-
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Fig. 6.15: (a) Rotary position control, simulated reference tracking (PLECS): response
and tracking error. (b) Rotary position control, simulated reference tracking (PLECS):
corresponding cogging/disturbance torque Mcogg and torque command M,.

Tab. 6.4: Chosen controller gains/parameters and execution frequencies.

Linear Position z Rotary Position ¢
k, | 6.18-10* N/m | 7.80 Nm/rad
ki | 424-10° N/(ms) | 2.83-102 Nm/(rads)
kg | 2.25-10? Ns/m | 5371072 Nms/rad
Ly | 9.89-10° 1/s | 5.28-10% 1/s
Ly | 2.44-107 1/s% | 6.94-10° 1/s?
fex | 10 kHz | 10 kHz
LA dg-Current RA dg-Current
k, | 2.41-10 V/A | 3.16 - 10 V/A
ki | 9.76-10*  V/(As) | 1.63-10° V/(As)
fex | 20 kHz | 20 kHz
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6.5 Hardware Implementation

This section presents the hardware PCB prototype of the inverter and control
unit on which the designed and discretized controller is implemented. Fur-
thermore, the experimental assembly of the LiRA and the custom test bench
used for measurements are described.

6.5.1 Inverter and Control Unit

The six-phase inverter unit and the digital control unit are implemented
together on a single, compact PCB (@ 54 mm), shown in Fig. 6.16 (b). The
inverter unit consists of two identical parts, each based on the MP6536 inte-
grated inverter module from Monolitic Power Systems. This is selected as it
conveniently offers a three-phase inverter of adequate power level together
with integrated gate drivers in a single 5-by-5 mm chip. The IC can be oper-
ated with a DC-link voltage up to Upcmax = 26 V, which is the finally selected
value Upc. The maximum phase current is 5 A and the on-state resistance
of the power MOSFETS is Ryqson = 240 mQ. For the first animal tests, the
inverter and control unit will be extracorporeal. Therefore, as illustrated by
Fig. 6.16 (a), a long (approx. 2 m) percutaneous driveline is needed to realize
the connection with the implanted ShuttlePump. In order to prevent signal
reflections along the driveline and unwanted disturbances to the sensors due
to the inverter’s switching frequency, it is necessary to utilize LC filters at the
output of the inverter modules. The value of the filter inductor Ly is selected
together with the switching frequency fi to guarantee a certain worst-case
peak-to-peak inductor current ripple

U

Aif max = ﬁ <03A. (6.21)
As the inductor volume scales with Ly, for a compact realization the highest
possible fi is used, which for the MP6536 is fi = 1MHz. The needed induc-
tance is then L¢ = 22 pH. The cutoff frequency of the LC filter is accordingly
placed two decades lower, ie., fic = 1072 - few = 10 kHz, by using C¢ = 10 pF.
The damping resistor is Ry = 2 Q. For current control, two in-line phase
current measurements per module are used. These are based on the voltage
drop ug, over a Ry, = 30 mQ shunt resistor, which is then amplified by a
current sense amplifier with gain Hes, = 20 V/V (MAX40056TAUA+). The
amplified voltage is sampled by an ADC with 10 bits and 5V analog input
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range, giving a current measurement resolution

1 5V
ires = 5 o= = 8.1mA. (6.22)
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Fig. 6.16: (a) Overall ShuttlePump TAH system. The power and control unit hosting
the inverter, the battery pack and the communication interface is connected to the
implanted pump via a percutaneous driveline. (b) Realized inverter board and its
components. The diameter of the PCB is 54 mm. (c) Circuit schematic of one phase of
the three-phase inverter with LC output filter and in-line current measurements with
shunt resistors on two phases.
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The same ADCs are also used for the position sensor signals and are placed
on the bottom part of the board. Finally, the core of the control unit is the
TE-0722 module by Trenz Electronic, with the AMD/Xilinx Zynq 7010 system
on chip. The current and position controllers are executed by the processing
unit, whereas the low-level hardware I/O interfaces (PWM modulator, ADCs,
etc.) are implemented in the FPGA.

6.5.2 Experimental Test Bench

Fig. 6.17 (a) shows the custom experimental test bench used to verify the
functionality of the designed linear-rotary position controller. On the left side
of the test bench, there is the complete test assembly of the ShuttlePump LiRA.
As visible from the sectional view of Fig. 6.17 (b), the piston of the Shut-
tlePump is replaced with a simplified structure holding together the mover of
the LiRA and the semi-circular copper sensor targets through an aluminum
shaft. At each side of the stator of the LiRA, there is a round lid made of
POM with a center hole, through which the aluminum shaft can be inserted
and slid with low friction. This way, the mover is held radially centered with
respect to the stator and can still perform linear-rotary motion. This bearing
system is a simplified mechanical alternative to the foreseen hydrodynamic
journal bearing. In addition, the aluminum shaft facilitates the mechanical
coupling of the LiRA with an external axial load. For this purpose, also a
special version of the sensor is realized, with a 12 mm hole at the center of
the PCB, visible in Fig. 6.17 (c).

On the right side of the test bench, there is a linear test motor (LinMot
PSo1-23x80-HP [92]) that can be used as a controllable axial load. The linear
test motor is mounted on a vertical positioning stage to adjust its alignment
with the LiRA. As the slider of the linear test motor can be freely rotated
inside its stator without affecting its operation/linear force generation, it
could be directly coupled to the mover of the LiRA. However, to rotate both
elements and overcome the additional friction the RA would be overloaded.
Therefore, a custom linear coupling is realized, which allows free rotation of
the mover while transmitting the axial force generated by the linear motor.
As visible from Fig. 6.17 (c) (dismounted coupling), this features a rotary ball
bearing to minimize the frictional torque. The chosen driver for the test linear
motor (LinMot B1ioo-VF [93]) allows force(/current) control operation with
an external custom reference, which can, e.g., be programmed to emulate the
realistic CFD load force profile of Fig. 6.5 (b).
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Fig. 6.17: (a) Experimental test bench used to commission the linear-rotary position
controller of the ShuttlePump LiRA. This is coupled with a custom linear coupling to a
linear motor (LinMot [92]), used as a controllable axial load. (b) Cross-sectional view
of the ShuttlePump LiRA with a simplified mechanical bearing system. The mover is
fixed to an aluminum shaft, which is held by two side bearing lids made of POM. (c)
Replacement version of the sensor with a 12 mm hole, to allow coupling the mover of
the ShuttlePump to the controllable axial load. The realized custom linear coupling
integrates a rotary ball bearing.
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6.6 Experimental Measurements and Verifica-
tion

This section presents the experimental measurements demonstrating the
operation of the complete LiRA system of the ShuttlePump, with simultaneous
linear-rotary position control. The linear and rotary position signals, as well
as the g-currents and g-voltages are recorded internally by the control unit
after a preliminary calibration round for each quantity. In particular, the
calibration of the linear position sensor is performed with the aid of the linear
motor (in servo-mode).

6.6.1 Linear-Rotary Position Control: Tracking with No
Load

The measurements for no load operation are reported in Fig. 6.18. Note that
in this case the ShuttlePump is mechanically decoupled from the controllable
load. As expected, the linear position zyney tracks the specified reference
Zrer closely (cf. Fig. 6.18 (a)), with a maximum absolute error as low as
Zerrmax = 0.38 mm. For this case, a relatively small force F, is commanded,
as it can be seen from the g-current iy, in Fig. 6.18 (b). The distinguishable
positive and negative g-voltage and g-current peaks occur in correspondence
of the linear position zero-crossings, i.e., around z,,0, = 0. It should be noted
that, around those instants, there is the transition from the measurement
signal of one sensor to the other to calculate zpoy (cf. Appendix C). It could
be observed experimentally that this transition is delicate, and introduces
a slight measurement disturbance in both linear and rotary position mea-
surements. Simultaneously, the rotary position ¢ney tracks its reference @yer
with a maximum absolute error @erravg = 4.7°. Therefore, @, is always
kept within the +5° error tolerance band, especially during the inlet/outlet
opening/closing phases, highlighted with shaded boxes in Fig. 6.18 (c). The
torque-generating current iy, exhibits a ripple indicating that the cogging
torque is being compensated. Part of this ripple is caused by the measurement
disturbance introduced by the aforementioned post-processing sensor tran-
sition. The average of the current is iy ave = 0.22 A, which corresponds to
about 7.4 mN m. This is the residual friction that is still present after careful
manufacturing of the contacting parts. However, in the actual application,
this is substantially lower. Therefore, the fact that it is possible to keep @err
within the specified boundaries even for such high friction is a remarkable
result.
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Fig. 6.18: Linear-rotary position tracking measurements with no load, for fop = 5Hz.
(a) Linear position zmey and tracking error zeyr. (b) Linear g-current ig,, with the
corresponding voltage command uq ;. (c) Rotary position ¢mov and tracking error
@err- The £5° error tolerance band during the inlet/outlet opening/closing phases is
indicated with shaded boxes. (d) Rotary g-current ig,,, with the corresponding voltage
command ugq.
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6.6.2 Linear-Rotary Position Control: Tracking with Ax-
ial Load

For this set of measurements, the ShuttlePump is coupled to the controllable
load via the custom linear coupling (cf. Fig. 6.17 (c)). The force reference for
the test motor Feomp is programmed to be exactly the same as the force Fig,q
of Fig. 6.5 (b), obtained from the CFD simulations. To guarantee the correct
synchronization between the linear-rotary position controller commands and
the controllable load, F.omm is sent from the inverter board to the LinMot
driver. Before proceeding with measurements, it is verified that the force
delivered by the controllable load is correct, i.e., that it tracks the reference
Feomm- For this purpose, a force sensor is mounted at the coupling location
between the ShuttlePump LiRA and the linear test motor. The used sensor is
the miniature tension/compression load cell Burster 8417. Its voltage output
is amplified with an instrumentation amplifier to facilitate reading on the
oscilloscope. The measured force Fyeas is compared to the force reference
Feomm in Fig. 6.19, where it can be seen that they are in good agreement. The
sensor is subsequently removed to shorten the length of the coupling between
the LiRA and the test motor.

The measurements for linear-rotary position tracking with axial load are
reported in Fig. 6.20. In this first case, the disturbance observer is disabled.
The linear position reference is still adequately tracked under the heavy
load disturbance (cf. Fig. 6.20 (a)). Clearly, this time the tracking error ze,
is larger with respect to the no-load case, up to a maximum of Zerrmax =
1.96 mm. This peak, however, does not occur during the critical plateau
phase. The reaction of the controller countering the disturbance force is

50 C T T l T 7
— 25| : 1
2, =\ Force o
8 0 sensor
—
= -25 e

-50 £ . . . .

0 0.05 0.1 0.15 0.2

Fig. 6.19: Verification of the force delivered by the controllable load. The force Feas,
measured by the load cell placed at coupling between the two motors, is compatible
with the commanded force Feomm.
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Fig. 6.20: Linear-rotary position tracking measurements with full axial load and no
disturbance observer in feedforward, for fop = 5Hz. (a) Linear position zmey and
tracking error zery. (b) Linear g-current ig ,, with the corresponding voltage command
ug,z. (¢) Rotary position ¢mey and tracking error gerr. The £5° error tolerance band
during the inlet/outlet opening/closing phases is indicated with shaded boxes. (d)
Rotary g-current iq,,, with the corresponding voltage command ug,¢.

133



Chapter 6. Linear-Rotary Position Control

2 E
8 £
&
% N

o 2
g &

.

(2) e ———

< 2
N 1
.@c*
= 0
jw]

g -1
=

o 2
0 360 15
3,300t 110
> [}
& 240 {15 =
(?ﬁ 180 10 (;
o2 .
L 120 ¢ 15 8
- g
o 60 {-10 M
rj 0 N N N N N -15
(c) : : : .
= 2

o5
=~ 0
o]
£ o1
—
g 2|
(@ o 0.2 0.4 0.6 0.8 1
Time [s]

Fig. 6.21: Linear-rotary position tracking measurements with full axial load and
disturbance observer enabled in feedforward, for fo, = 5Hz. (a) Linear position
Zmov and tracking error zery. (b) Linear g-current ig,,, with the corresponding voltage
command ug,. (c) Rotary position ¢mov and tracking error @err. The +5° error
tolerance band during the inlet/outlet opening/closing phases is indicated with shaded
boxes. (d) Rotary g-current iq,,, with the corresponding voltage command ug,¢.
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reflected in the commanded g-current iy ,, which reaches peaks around +2 A
(cf. Fig. 6.20 (b)), corresponding to about 46 N. The rotary position tracking
is substantially unchanged, and the error ¢, is kept within the targeted +5°
band.

Finally, with the disturbance observer enabled, the measurements of
Fig. 6.21 are obtained. The main advantage is that the maximum linear
tracking error is now reduced to Zery max = 0.89 mm, and hence the zerr max =
1mm specification is always met.

6.7 Summary

The operation of the blood pumps used as (left) ventricular assist devices or
Total Artificial Hearts (TAHs) substantially relies on feedback control of their
impeller’s speed and/or position. For the novel implantable TAH ShuttlePump,
this is especially the case due to its operating principle, which requires syn-
chronized linear-rotary position control of its specially-shaped piston. The
control system designed in this chapter on a detailed electromagnetic model
of the Linear-Rotary Actuator (LiRA), and subsequently implemented in a
hardware demonstrator system is suitable to operate the ShuttlePump. The
experimental results demonstrate that the specified linear-rotary motion
profile can be tracked with an accuracy below 1mm and 5° up until 5 Hz of
operation even under the heavy axial load disturbance (45N peak) introduced
by the required hydraulic forces for pumping operation. The complete drive
system can hence be reliably used in further experiments in vitro (i.e., with a
dedicated hydraulic test bench) and in vivo (i.e., with implantation in animal
models) to validate the predicted fluid-dynamic and clinical characteristics of
the blood pump.
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Chapter Abstract

This chapter investigates the design of an Eddy-Current Sensor (ECS) for position measure-

ment of a moving conductive target located behind a fixed conductive shielding surface. Such
a sensor can, e.g., be used in completely sealed actuators with magnetically levitated rotor
or mover for high purity applications. Starting from the analysis of the sensor’s operating
principle, the design of the excitation coil, the achievable sensitivity and bandwidth as well
as the temperature stability of the sensor are investigated. Subsequently, a suitable sensor
interface, consisting of the driving and signal conditioning electronics, is selected. With this it
is possible to distinguish between position and temperature variations, for which the optimal
operational frequencies are identified. The results are finally verified with measurements on
a hardware sensor prototype, showing that the ECS can achieve a sensitivity of 1 mV/um, a
position resolution of 1 pm, with a measurement bandwidth of 30 kHz and can hence be used

| to capture the mover’s position in an active magnetic bearing feedback control structure. |
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7.1 Introduction

In many industrial applications, contactless position sensing of an object is
of primary importance. In the case of a conductive object, a popular choice is
Eddy-Current Sensors (ECSs), which, due to their non-contact nature, offer
a clear advantage over, e.g., resistive or capacitive sensors [94, 95]. More-
over, ECSs can also operate under harsh conditions, dirty environments or in
vacuum, which makes them applicable for Magnetic Bearings (MBs) of mag-
netically levitated actuator systems [80,96-98], where the ECSs located on the
stator are used to capture the position of the levitated mover (cf. Fig. 7.1 (a)).
ECSs are also extensively used in Non-Destructive Testing (NDT) for inspec-
tion of damages on the surface of conductive materials [99]. There are also
applications where the moving conductive target is located behind another
conductive material. For example, in entirely sealed actuator systems used
for high purity food, medical, or chemical applications, the stator and the
magnetically levitated mover are fully encapsulated with, e.g., a stainless
steel housing (cf. Fig. 7.1 (b)). Consequently, the ECS located on the stator
has to measure the mover position through the stator housing, which due to
its conductivity highly degrades the magnetic coupling between excitation
and/or pick-up coil and the mover, and in turn leads to a reduction of the
measurement sensitivity, i.e., the mover’s position accuracy. As a further
challenge, the sensor is expected to operate under different temperature con-
ditions, as high as 100 °C due to ohmic losses in the stator. Therefore, it is
important to study the sensor’s stability with respect to temperature sensi-
tivity, to prevent the magnetic bearings from failing due to thermal drift of
the measured mover’s position. In contrast to other magnetic sensors as, e.g.,
Hall effect sensors, which can also be used to estimate the mover’s position
through the stator’s housing exploiting the magnetic field of the mover’s
permanent magnets, ECSs typically provide higher resolution, thermal sta-
bility and immunity to external disturbing magnetic fields [95,96]. In the
literature [100], such an ECS measuring through a conductive wall is, e.g.,
used for periodical inspections of nuclear power plants by measuring the
distance between two conductive tubes. There, a commercial ECS is used,
with excitation frequencies up to 16 kHz, which for stationary applications
are clearly sufficient. However, for highly dynamic position measurements in
entirely sealed MBs, this could result in a too low measurement bandwidth.
For instance, in very-high-speed magnetically levitated machines, position
control bandwidths up to 1kHz are needed [101]. Consequently, sensor mea-
surement bandwidths of at least 10 kHz have to be achieved [80,96], which in
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Eddy-Current Measured
Sensor (ECS) \/‘/ distance ¢
\ 2 Mover

( 2 .— enclosure

Stator

housing

Fig. 7.1: 3D-view of a magnetically levitated rotary-linear actuator system with (a)
corresponding cross section showing the placement of the Eddy-Current Sensors
(ECSs) inside a sealed stator. (b) Detail of the sealed actuator with the used ECS, which
has to measure the mover’s position through the conductive stator housing.

Tab. 7.1: ECS specifications defined by the underlying application.

Parameter Value | Unit
Measurable Distance & 0..2 | [mm]
Sensor Resolution 1...10 | [pm]
Sensor Bandwidth fp > 10 | [kHz]
Max. ECS Coil Diameter d. 1.5 | [mm)]
Enclosure Thickness (Stator and Mover) 0.2...0.5 | [mm]
Enclosure Material (Stator and Mover) Stainless Steel

turn leads to roughly 10 times higher excitation frequencies of about 100 kHz.
Importantly, however, it has also to be considered that above a certain exci-
tation frequency, defined by the material properties and dimensions of the
conductive wall, the skin and proximity effects of this intermediate layer start
to play an important role, leading in the worst case to a complete loss of any
mover position information. Consequently, the ECS’s excitation frequency
has to be selected properly, such that on one hand a sufficient position sensor
bandwidth is achieved and, on the other hand, the position sensitivity is not
compromised too much by the intermediate conductive layer.

This chapter presents and discusses the design of an ECS capable of mea-
suring through conductive walls. In particular, the ECS is used as a position
sensor for entirely sealed actuator systems with a magnetically levitated
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mover, targeting the specifications of Tab. 7.1. In the first part of the chapter,
the operating principle of the conventional ECS is briefly summarized in
Sec. 7.2 and used to analyze the ECS measuring through the walls in Sec. 7.3.
The analysis not only aims to provide an understanding of the proposed ECS
concept but also to offer design guidelines and an optimal design procedure
for the excitation coil, i.e., the sensor head. For this purpose, an equivalent
transformer model is introduced, whose circuit elements (impedances) are cal-
culated analytically depending on the coil geometry and material properties.
Furthermore, the model is validated by comparison with FEM simulations
and measurements on the optimally-designed excitation coil. Afterwards, in
Sec. 7.4 the temperature’s influence on the coil impedance is investigated
and quantified, in order to propose a method to measure and/or compensate
it. In the second part of the chapter, the practical problem of selecting a
sensor interface with appropriate signal conditioning, which finally provides
a measurable voltage signal, is addressed. This explicitly takes into account
the influence of temperature on the sensor’s output, finally providing a way
of measuring both position and temperature, as described in detail in Sec. 7.5.
The concept is verified in Sec. 7.6 with a hardware sensor prototype (head
and interface) on which experimental measurements are performed. Finally,
Sec. 7.7 concludes the chapter.

7.2 Operating Principle of the Conventional
ECS

In general, as shown in Fig. 7.2 (a) for a simplified planar structure, a single-
coil ECS consists of a stationary excitation coil which is placed at a certain
distance é from a moving target with specific conductivity oy, relative per-
meability p, ¢ and thickness d;. Since in many applications a paramagnetic
material, e.g., stainless steel, copper, or aluminum, is selected for the target,
in the following a permeability of y; = 11is assumed. The coil is excited
with a high-frequency AC current, generating a surrounding magnetic field
H, which also penetrates the moving target. The high-frequency magnetic
flux is linked by the target and induces a voltage in it, causing eddy currents
to circulate due to the target’s conductivity o;. In turn, the eddy currents
generate a secondary magnetic field H; counteracting the primary magnetic
field of the coil. For a fixed excitation frequency and given material properties
of the target, the intensity of this interaction, i.e., the magnetic coupling
between coil and target, depends solely on the distance . For a single-coil
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ECS configuration, this finally reflects into a measurable change of the coil’s
input impedance Z i, (w, §). Hence, by knowing the relation between & and
the variation of the coil’s input resistance and/or inductance, the position of
the target is accurately measurable. Instead of using Z i, (w, §), in a dual-coil
ECS configuration a second stationary pickup coil is used, where a distance-
dependent induced voltage is measured. The presented analysis is conducted
only for the single-coil ECS configuration. The findings are directly applicable
to the dual-coil case, since the induced voltage variation is directly related to
the inductance variation.

7.2.1 Equivalent Transformer Model

For a conventional ECS (without intermediate shield), a convenient way
of describing the variations of Z iy (@, §) = Rein(®, ) + joLcin(w, d) is the
transformer model in Fig. 7.2 (b), where R, and L. are the (DC) resistance and
inductance of the excitation coil, R; and L; are the resistance and inductance
of the target, w is the angular excitation frequency and M = ke VL L; the
mutual inductance between coil (c) and target (), with the coupling factor
k.t(w, 6). Note that both the mutual inductance M (w, §) and the coupling
factor ki (w, §) depend on the angular frequency w and the distance §. The
measurement sensitivity is proportional to the variation of the coil’s input
impedance Z;,, which can be split into an equivalent input resistance R,
and inductance L. ,, which according to the equivalent model are expressed
as

w M,
Rc,in(w: d) =R+ 2—22 Ri=R.+ Rc,var((U, ), (7.1)
R + 0L
szzt
Lc,in(w; 5) = Lc - 2—(2:2 Lt = Lc + Lc,var(w: 5) (7-2)
R + w?L;

For low angular frequencies w, the variable parts R. yar(w, §) and L yar (@, &)
vanish, and a distance-independent impedance Z.i, = R. + jwL. given by the
coil’s resistance and self-inductance is measured. In order to obtain significant
variations in R.jn and L¢ i, with the air gap length J, the excitation frequency
has to be selected above a coupling-independent angular cutoff frequency

R
I (7-3)
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Fig. 7.2: (a) Structure of a conventional planar single-coil ECS to measure the distance
0 between the stationary excitation coil and the moveable target. (b) Transformer
equivalent circuit for the conventional ECS (without intermediate shield) with coil and
target self-inductances L. and Lt as well as the frequency- and distance-dependent
coupling factor kct(w, §). (¢) ECS arrangement used for the axisymmetrical 2D FEM
simulations (ANSYS Maxwell) with exemplary field and current distribution for a
0.5 mm stainless steel target at an excitation frequency of fexc = 430 kHz.

which can be found as the frequency for which R, ;, and L, experience half
of their total variations

M 2
Rc,var(w — 0, 5) = (L_Ct) R = kct(a)a 6)2Lc(0co, (7-4)
t
M 2
ct
Lc,var(w — o9, 5) == ( L ) L = _kct(w> 5)2Lc~ (7~5)
t
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Accordingly, for a selected excitation frequency fex. around or above f,, the
resistance and/or the inductance variation can be used to measure the distance
0 between target and coil. In this case, the coupling factor k(fixe, §) only
depends on § and thus for larger 6, i.e., lower coupling k( fexc, 6), the mea-
sured resistance R. i, decreases, while the measured inductance L., increases.
Furthermore, it is interesting to note that w¢, can be modified by the target
material and thickness, i.e., the target resistance R;, and the dimensions of
the ECS, since L; scales proportionally to the coil’s self-inductance L. Conse-
quently, for a given ECS geometry, a target material with higher conductivity
o or larger thickness d; shifts w., to lower frequencies and in cases where
the inductance variation is measured, either a lower fx. could be selected or
a higher sensitivity can be achieved. In case of resistance variation, however,
a lower R; also means lower sensitivity.

7.2.2 Impedance Variations from FEM Simulations

Fig. 7.3 verifies the derived relationships between the cutoff frequency fc,
and the resistance and inductance variations R var (@, §) and L yar (, ) for a
fixed target thickness of 0.5 mm and two different materials, i.e., stainless steel
and aluminum. The distance § is gradually increased between 0 mm (min.

3 T M IR —
Stainless Steel 0.5 mm
g o — Aluminum 0.5mm
S 0.1 ﬁn.dl\\
© ol
~
0
0.0
S
¢ [ — - — Shield -
S 6 = 0mm —
A — — 0 =1mm Foat
- — — §=2mm e
-1.0 2 pes " 5 v 7
10 10° 10 10” 10 10°

Frequency [Hz|

Fig. 7.3: Normalized variable parts R¢ yar(w, ) and Lc yar (w, §) versus frequency for
stainless steel and aluminum target (di = 0.5mm) at § = 0 mm, 1mm and 2 mm,
obtained from FEM simulations (cf. Fig. 7.2 (c)).
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position), 1mm (nom. position) and 2 mm (max. position). Note that for the
conventional ECS without intermediate conductive layer an offset of 0.5 mm
is added (for a more direct comparison with the following case), which means
that for § = 0 mm the effective distance between coil and target is 0.5 mm.
The impedance curves of Fig. 7.3 are obtained from axisymmetrical 2D FEM
simulations (ANSYS Maxwell) for the ECS geometry shown in Fig. 7.2 (c),
whose excitation coil design is discussed in Sec. 7.3.4.

As can be noticed from Fig. 7.3, since aluminum has an approximately 26
times higher conductivity than stainless steel, its cutoff frequency fioam as
well as its resistance sensitivity R.aw(w, §) are lowered by the same amount
with respect to feoss and R.ss(w, §). The inductance variation instead stays
constant for both materials, i.e., Lcan(0w0 — ©0,0) = Legs(w — 0,0). It
should be added that in contrast to the simple transformer equivalent model,
the FEM simulations also consider the AC resistance of the targets, which is
the reason why the resistances are not settling to the aforementioned values
for high frequencies. For materials with high conductivity, this effect is more
pronounced, which means it results in a larger scaling Rac/Rpc at a given
frequency. Furthermore, above a certain frequency this also negatively affects
the resistance variation. In general, as a rule of thumb, it can be stated that for
the conventional ECS the target material and thickness should be selected such
that £, is located at least one decade below the desired excitation frequency
fexes €.g., defined by the needed sensor bandwidth, in order to obtain the
highest position sensitivity.

7.3 Analysis of the ECS Measuring Through
Walls

Consider now the configuration of Fig. 7.4 (a), where, based on the underlying
application, the excitation coil is located inside the sealed stator, i.e., behind
a stationary shield with conductivity o5 and relative permeability p,¢. The
distance § between the shield and the moving target has to be measured. As
for the target, in the following a relative permeability of p s ~ 1is assumed
for the shield. Since now the excitation coil is almost directly attached to the
conductive shield, the magnetic coupling between coil and shield is much
higher than between coil and target, especially if the target is located at a
large distance §. Therefore, the eddy currents induced in the intermediate
conductive shield significantly affect the variations of Zi,(w, d), i.e., the
position sensitivity.
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Fig. 7.4: (a) Planar single-coil ECS measuring the distance § between the stationary
intermediate conductive shield and the moveable conductive target. (b) Extended
transformer model with a secondary and a tertiary side modeling the equivalent
input impedance Z i, (w, §) of the excitation coil of the ECS measuring through
conductive walls. The electric behavior of shield and target is described by the lumped
secondary parameters R} and L) and the magnetic coupling between excitation
coil, shield and target are considered by the three coupling factors ks, k¢t and kgt.
(c) Axisymmetrical 2D FEM simulation (ANSYS Maxwell) with exemplary field and
current distribution for a 0.2 mm stainless steel shield and 0.5 mm stainless steel target
combination at an excitation frequency of fexe = 1.25 MHz. The shield and target
image coils are highlighted in purple. A ferrite disk is added on top of the excitation
coil to increase its self-inductance L.
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A general understanding of how Z i, (w, §) varies for this new scenario
can be gained as follows. Considering the case where § — oo, i.e., when the
target is far away. This corresponds to the conventional ECS with the shield
in place of the target, and hence the same considerations as before apply,
but now the cutoff frequency weos = 27 feos = Rs/Ls is defined by the shield.
When the target approaches the shield, it offers a parallel circulation path
for the eddy currents, thus reducing the original R; of the shield alone. The
secondary-side resistance can be substituted by an equivalent resistance Req,
which can be seen as some special target at some equivalent position having
mixed material properties of shield and target. The resulting R.q is smaller
than R and continuously reduces with the target approaching the shield.
Consequently, also the cutoff frequency wco s shifts to lower frequencies. For
the extreme case with § = 0 mm, assuming that shield and target have the
same coupling to the coil, the minimum cutoff frequency is roughly given by
the parallel connection of Ry and R; as

Rs Rt

(Rs + Rt) Ls . (76)

Wco,min = 2”ﬁ0,min =

Consequently, in cases where the target has a much higher conductivity than
the shield, @comin is much lower than @ s, while for equal shield and target
resistances, Weo,min 1S roughly weos/2.

7.3.1 Impedance Variations from FEM Simulations and
Optimal Excitation Frequencies

The air gap-dependent shift of the cutoff frequency affects the variations of
resistance R.y,r and inductance L. y,, as shown in the exemplary curves of
Fig. 7.5. They are obtained from FEM simulations, using the geometry of
Fig. 7.4 (c). Four different material and thickness combinations are consid-
ered, reported in Tab. 7.2. The cases § = 0 mm, 1mm, 2mm, and § — o
(i.e., only the shield) are simulated. For the designs D1 and D2, with an
aluminum target much more conductive than the stainless steel shield, a large
impedance variation is obtained (cf. Fig. 7.5 (a-b)). In particular, the low
Ri a1 leads to a wide shift of foo s to feomin and thus to a large inductance varia-
tion. The cutoff frequency shift also reflects into a progressively smaller total
resistance variation in the frequency range above f,s, compatibly with (7.4).
Nevertheless, above a certain frequency, the skin and proximity effects of the
shield become dominant and hinder the magnetic field from passing through
the shield layer, thus losing sensitivity to the target’s position. Therefore,
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Fig. 7.5: Normalized R¢ yar(w,d) and L yar(w, §) versus frequency for the designs
listed in Tab. 7.2 at § = 0 mm, 1mm, 2 mm and § — o (i.e., only shield), as obtained
from FEM simulations. In this exemplary case, the resulting DC coil parameters are

e =2.8Qand L = 13.9 pH. The cutoff frequency fco, the skin depth related frequency
of the shield fg s and the optimal excitation frequencies fexcoptR and fexcoptL are
also indicated (cf. Tab. 7.3).
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Tab. 7.2: Considered material and thickness combinations.

Design Shield Shield Target Target
Name Material Thickness Material Thickness
D1 Stainless Steel 0.5 mm Aluminum 0.5mm
D2 Stainless Steel 0.2 mm Aluminum 0.5mm

D3 Stainless Steel | 0.5mm  Stainless Steel 0.5 mm
D4 Stainless Steel 0.2 mm Stainless Steel 0.5 mm

the excitation frequency fixc must be kept below a certain skin-depth-related
frequency fi s of the shield. This can be deduced from the skin depth g,
imposing dg s = ds, i.e.,

2 2
s = f— = fks= ————. (7.7)
ss T o sOsf Jos T oy, s 05 d2

In this work, only non-magnetic materials (y (51} = 1) are considered. As it
appears from (7.7), ferromagnetic materials (such as ferritic stainless steel)
would reduce the penetration depth of the excitation field, resulting in lower
sensitivity. With these considerations it can be more easily understood why
the position sensitivity is enhanced for the design D2. In fact, due to a 2.5
times thinner shield, Ry ss and hence f, s increase by the same amount, while
fiks increases by a factor 2.5%. As a result, the frequency ranges offering
usable position sensitivity are larger, and the resistance variation is more
pronounced (cf. (7.4)). On the other hand feo min, Which is mainly defined by
the target with R 41, stays unchanged. In design D3 (cf. Fig. 7.5 (c)), with
shield and target made of the same material and thickness, the frequency
shift from fios t0 foomin = feos/2 is smaller, thus the inductance variation
is limited. This is also reflected in the much smaller resistance variation.
Again, similar to design D2, also in case of equal materials a shield thickness
reduction improves the position sensitivity (cf. design D4 with the results in
Fig. 7.5 (d)).

Generalizing, for all the studied cases in Tab. 7.2 and Fig. 7.5, the
maximum resistance variation AR yar(fexcoptr, 8) and inductance variation
ALcvar (fexcoptL, ) occur in two distinct frequency ranges and thus two dis-
tinct optimal excitation frequencies fexcoptr and fexcoptL can be defined. In
particular, L.y, is mostly sensitive to variations of the air gap ¢ in the fre-
quency range between foomin and foos. The optimal excitation frequency
foptL that maximizes the position sensitivity of Ly, lies approximately in
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the center of this interval, i.e., the geometric mean of the two boundary

frequencies
ﬁ)pt,L ~ v/ feomin * feo,s- (7.8)

The frequency range for which R.v,r is mostly sensitive to variations of § lies
above f.os, but beyond fi s no sensitivity can be achieved. Thus, the optimal
excitation frequency fopir, lies approx. in the center between feo s and fys,
i.e,, again the geometric mean

ﬁ)pt,R =~ Vf;k,s . ﬁ:o,s- (7~9)

7.3.2 General ECS Design Guidelines

In summary, from the FEM results and the considerations of Sec. 7.3.1, it is
possible to provide the following design guidelines for the ECS measuring
through conductive walls:

> In order to achieve a high measurement sensitivity, for both resistance
and inductance variation, the shield resistance Rs should be much larger
than the target resistance R;, which is either obtained by selecting
different materials or by using different thicknesses.

> A large shield resistance R increases both the cutoff frequency feo s and
the skin depth related frequency fi s, resulting in a larger measurement
bandwidth.

> The resistance variation starts around f;, s and ends around f s, which
are both defined by only the shield layer.

» The range of inductance variation is defined by feo min and feos.

» The optimal excitation frequency is roughly calculated with (7.8) or
(7.9), i.e., with the geometric mean of the frequency boundaries.

7.3.3 Extended Equivalent Transformer Model

So far, only the relations between R var(®, 8), Levar (@, ) and the optimal
excitation frequencies are defined, but it is still not possible to calculate
fextoptL and fexeoptr for a given ECS configuration based on its electrical
and geometrical parameters. For this, expressions for all the terms used
in (7.3) and (7.6) are needed. If the values of the optimal frequencies are
found, it possible to optimally design the excitation coil of the ECS measuring
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through conductive walls and immediately estimate the position sensitivity.
The impedance variations of the excitation coil can be modeled analytically
with an extended three-windings transformer model. In order to account for
the additional shield layer, the transformer model previously introduced in
Fig. 7.2 (b) for the conventional ECS is modified as shown in Fig. 7.4 (b),
i.e., with a secondary side consisting of the series connection of the lumped
shield resistance and inductance Ry and Lg and a tertiary side with the lumped
target parameters R, and L;. Consequently, also the mutual inductances
Mes = kesVLcLs and My = kgVLsL; are introduced, where kes = kes(w, 8)
and kg = kst(w, §) are the coil-shield and shield-target coupling factors. It
can be observed that k. is always larger than k.. By circuital analysis, an
expression for the input impedance of the excitation coil Z. i, (w, §) can be
provided. This is slightly more complicated with respect to the conventional
ECS case, cf. (7.1) and (7.2), and is hence reported in the Appendix C. The
description of Z. ;, provided by the transformer model is completed with the
analytical expressions for all its parameters, as derived in the following.

Excitation Coil (Primary-Side) Parameters

Expressions for the coil resistance R, and inductance L. can usually be found
in the literature for different coil geometries [102,103]. A common choice for
ECSs is a PCB-integrated planar spiral coil, as it allows obtaining a relatively
large inductance already with a single-layer coil. This way, the inter-layer
parasitic capacitance of the coil is minimized, thus allowing to use higher
excitation frequencies. Minimizing the parasitic capacitance Cp,, is needed
to guarantee that the coil’s Self-Resonant Frequency (SRF) is well above the
chosen excitation frequency. This is a stringent requirement for the correct
operation of the ECS and the validity of the introduced transformer model.
For the scope of this analysis it is sufficient to consider at least the following
relations linking the coil geometry to its electrical properties. For the coil’s
DC resistance

Re oc ——, (7.10)
whereas for the inductance, in general
LC o« Ho dc,avg N2 (7-11)

where d_. . is the average diameter of the excitation coil.
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Shield/Target (Secondary-Side) Parameters

Providing expressions for the lumped shield or target resistance Ry, and
inductance Ly, requires some preliminary consideration on the geometry of
the eddy current circulation paths. Following the work of Vyroubal [104], for
a circular excitation coil the volume of the target carrying significant eddy
currents (the effective volume) can be segmented into a certain number K of
concentric rings. Each of them can be considered insulated with respect to
the other, as it can be shown that the current density vector field j inside
the target, expressed in polar coordinates, has no radial component. The
simplest approximation, corresponding to K = 1, is to describe the effective
volume with a circular single-turn image coil of rectangular cross section,
with inner and outer radii ri, and 7y, as indicated in purple in Fig. 7.4 (c).
The thickness of such image coil can be assumed to be equal to the shield
or target thickness d{, as long as the eddy currents penetrate the material
completely. However, for higher frequencies, the penetration depth reduces
due to aforementioned skin effect, according to the expression for the skin

depth
2
5sk,{s,t} (@) = | —————. (7.12)
HoHr,{s,t} O{s,t} @

When eventually &g {51} becomes smaller than d,, the eddy currents are dis-
tributed only in a portion of the total shield or target thickness. Consequently,
the effective height of the image coil is

dispr, for &, w) >d
(o) = 50 (@2 dot )

Osk {5t} (@), otherwise

which decreases for higher frequencies. However, a reduction of the pene-
tration depth is only allowed for the target. The excitation frequency fixc
should always be lower than the skin-depth frequency of the shield. Conse-
quently, as previously seen, the thickness and the selected material of the
shield immediately limit the excitation frequency range and the analysis
thereof.

This way, Rst} and Lz can be found as the resistance and the self-
inductance of the respective equivalent image coils. For the resistance Ry ;,
it is sufficient to integrate the resistance of an infinitely thin loop in the
volume of the image coil, obtaining

2

Risny(w) =

Tin

—- (7.14)
O(st) histy (@) ln( °“‘)
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For the inductance L), instead, the empirical formula from [105] for a
circular coil of rectangular cross section can be used

40r?

avg

Lisey [uH] = (7.15)

8ravg +11 (Fout = T'in) ’

where ravg = (Fout + 7in) /2 is the average radius of the image coil. In a first
approximation, ri, and roy can coincide with the inner and outer radii of the
excitation coil, and hence 7,y = d¢avg/2. In this case, FEM simulations reveal
that 80 % of the eddy currents are induced in this volume for both shield and
target. The volume enclosed by an image coil with the same average radius
Favg but a 50 % wider cross section (i.e., 1.5+ (¥out — 7in), as the ones represented
in Fig. 7.4 (b)) would instead consider up to 95 % of the total eddy currents.

Coupling Factors

Finally, the coupling factors can be obtained from the mutual inductances Mg,
Mg and M, according to the formula kjp = My, /VL; L,. With the introduced
image coils, it is possible to use formulas for the mutual inductance of coaxial
disk coils that can be found in the literature [106,107]. As the model is highly
sensitive to these three parameters, it is recommended to obtain or verify
them with a FEM simulation.

7.3.4 Optimal PCB-Embedded Coil Design Considera-
tions

Once the transformer model and all the expressions for its parameters are
introduced, they can be used to optimally design the excitation coil. As
mentioned, this is typically realized as a PCB- or flex-PCB-embedded spiral
coil, hence there are only a few main parameters to be determined, i.e., the
coil diameter d. and the number of turns N, which can be distributed in m
layers. The optimal design procedure is summarized with the flow diagram of
Fig. 7.6. The specified shield material with its conductivity o, and thickness
ds defines the skin-depth related frequency fi s (cf. (7.7)). From the required
controller bandwidth, the needed excitation frequency fu. is defined, which
coincides with fo, r. Based on (7.9), it is hence possible to calculate the
shield crossover frequency f.o s, which gives the ratio between Rs and Lg (cf.
(7.3)). These two electrical parameters allow to select the dimensions of the
image coil (average, inner and outer radii ravg, rin and rou, cf. (7.14) and (7.15))
and, consequently, of the excitation coil. With the maximum diameter d,
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the maximum number of turns N of the excitation coil can be calculated,
which gives a high excitation coil’s self-inductance L. and, in turn, a high
position sensitivity (cf. (7.4) and (7.5)). The number of turns N can be further
increased by using multiple PCB layers, but special care must be taken, as this
particularly increases the parasitic capacitance Cpqr, thus lowering the coil’s
SRF. Another way of further increasing L., compatibly with the available
space in the stator, is to place a layer of ferromagnetic material on top of
the excitation coil. As an additional benefit, this provides shielding against
external disturbing magnetic fields.

Therefore, for the given case, the excitation coil’s diameter is maximized
to the available d. = 11.5 mm, which with the minimum track width and
distance of 150 pm yields a maximum number of turns per layer of N = 13. A
picture of the realized PCB-embedded excitation coil is shown in Fig. 7.7 (a).
In order to ensure that the coil’s SRF is above 10 MHz, (i.e., well above the
range of the considered excitation frequencies), the number of PCB layers is
limited to m = 3. In addition, a high-frequency ferrite core is added on top of
the coil (cf. Fig. 7.7 (b)) to further increase L., resulting in a total L, = 13 uH.

Shield Material_’ f Image Coil
os, ds s Dimensions
R, Y Tavg, Tin; Tout
(9) fco,s = T. —
S (15) [}
Control BW fopt.R Excitation Coil
famB = fEcs ’ Dimensions
!
Maximize L :
1. Maximize N
2. Use m layers (check Cc par)

Fig. 7.6: Flow diagram illustrating the optimal PCB-embedded coil design. From the
specified shield material and control bandwidth, it is possible to define the character-
istic frequencies, which are linked to the coil’s geometry through the secondary-side
parameters Rs and Lg. Once the coil’s dimensions are obtained, its self-inductance L.
is maximized.
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7.3.5 Experimental Impedance Measurements and Model
Verification

The impedance variations of the ECS measuring through conductive walls are
verified with the realized PCB-embedded excitation coil in the studied planar
geometry of Fig. 7.4 (a). This is realized with a collection of square samples
of aluminum and stainless steel (304, IE 1.4301, austenitic) with thicknesses
0.5 mm and 0.2 mm, to be used as shield or target (cf. Fig. 7.7 (c)). The air gap
between the two samples is fixed with spacers, realized with a non-conductive,
temperature-resistant material (PTFE) and different thicknesses. This way,
it is possible to fix the air gap in steps of 0.25 mm, which is the thickness of
the thinnest spacer. The selected shield sample, spacer(s) and target sample
are stacked up, with the excitation coil PCB on top, as shown in Fig. 7.7 (d).
All layers are also pressed together, thus reducing the bending of the metallic
samples or the spacers. This measure is important to ensure correct results,

ww

(a) 11.5mm (b)

(©) Shield re (d)

Fig. 7.7: (a) Realized PCB-embedded excitation coil. (b) On top of the excitation coil,
a high-frequency ferrite disk is added to increase the self-inductance L. (c) Realized
exemplary shield/target and spacer samples, made of stainless steel or aluminum and
PTEFE, respectively. (d) PCB coil buildup implementing the studied planar geometry,
held together by a PTFE fixture.
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Tab. 7.3: Comparison of the optimal excitation frequencies.

Fig. 7 8 (a) Fig. 7 8 (b)
ﬁ)pt L ﬁ)pt,R ﬁ)pt,L ]%pt R || Unit
Measured 178 | 1189 56 1259 || [kHz]
FEM 178 | 1122 1334 || [kHz]
Analytical 175 | 1195 1195 || [kHz]

especially considering the high sensitivity and the targeted resolution in the
pm range.

The measurements are performed with the Omicron Lab Bodeioo
impedance analyzer for the 0.2 mm thick stainless steel shield and 0.5 mm
thick stainless steel target configuration and for the 0.2 mm thick stainless
steel shield and 0.5 mm thick aluminum target configuration. The results are
compared to the corresponding FEM simulations in Fig. 7.8, showing good
agreement between the two. In particular, the optimal frequencies reported
in Tab. 7.3 match closely. Also the values calculated with the analytical trans-
former model are reported and matching. The model allows obtaining the
complete impedance curves, which however were found to be in agreement
only until around fi. For the sake of this analysis and the optimal coil
design, calculating the characteristic frequencies is sufficient, and therefore
the impedance curves are not reported.

7.4 Influence of the Temperature on the Sen-
sor’s Output

An important aspect to investigate for many sensors and particularly for the
studied ECS is its behavior under different operating temperatures. Ideally,
for a constant position, the sensor output has to stay constant throughout the
entire range of operating temperatures. In the considered case, this problem is
of particular interest. In fact, the temperature inside the sealed stator (where
the ECS is located) varies in the range of 25 °C to 100 °C, since the actuator’s
winding, located inside the stator, heats up during operation. Consequently,
a thermal drift of the sensor’s output in active magnetic bearings would
translate in a certain offset in the controlled position of the levitated mover
with respect to the geometric center of the machine, which can lead in the
worst case to failure of the levitation control. For these reasons, it is important
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Fig. 7.8: Normalized R¢var(w, §) and L yar(w, §) versus frequency for (a) 0.2 mm
thick stainless steel shield and 0.5 mm thick stainless steel target configuration and (b)
0.2 mm thick stainless steel shield and 0.5 mm thick aluminum target configuration at
d = 0mm, 1mm and 2 mm, as obtained from impedance measurements. For a direct
comparison, also the FEM results for the cases § = 0 mm, 2 mm are reported (black
dashed lines) and the optimal frequencies are indicated and reported in Tab. 7.3.

to quantify the effect of temperature on the sensor’s output and, possibly,
take specific actions to limit or compensate it.

As a starting point for this investigation, it should be considered that the
conductivity o exhibits a temperature dependency. Another effect is thermal
expansion, which however is not expected to be prominent in this case for
thin shields or targets and is therefore neglected. As a consequence of the

Tab. 7.4: Conductivity and Temperature Coefficient of the considered materials.

Material Conductivity at 25°C oy | Temperature Coeff. (Crt)
Copper 59.6 MS 3900 ppm/°C
Aluminum 37.7MS 3800 ppm/°C
Stainless Steel 1.37MS 850 ppm/°C

156



7.4. Influence of the Temperature on the Sensor’s Output

dependency on the conductivity o, it has to be expected that the electrical
properties of all the elements in the studied ECS configuration, i.e., coil,
shield and target, are affected by temperature. The temperature dependency
is usually given for the resistivity p = ¢~! with the approximated linear
relationship

p(T) = po [1+Cr (T - Tp)], (7.16)

where T is the temperature, py is the resistivity of the material at the reference
temperature Ty (e.g., 25 °C) and Cr is the temperature coefficient of the material,
expressed in 1/°C. The values of py and Cr for copper, aluminum and stainless
steel are reported in Tab. 7.4. For the considered operating temperature range
of 75 °C, the resistivity of copper increases by about 30 %.

Based on the analytical model previously introduced in Sec. 7.3, it is
already possible to predict qualitatively how the temperature influences Z ;.
The most prominent effect, given the high Cr of copper, is the increase of R;. (cf.
(7.10)), which offsets the total R v, With respect to the nominal DC resistance
at 25°C R.pcasec]. Secondly, also Rs and R; increase with temperature (cf.
(7.14)), according to their materials’ properties. This reflects into an increase
of the cutoff frequencies feo s (cf. (7.3)) and feomin (cf. (7.6)), which can affect
the final sensitivity (cf. (7.4)) and alters the optimal excitation frequencies.
Some influence has also to be expected for higher frequencies, as the skin
depth d4 s depends on o5 as well. On the contrary, no relevant effect has to
be expected on L (cf. (7.11)) nor on L yar (cf. (7.5)). This is the main reason
why conventional ECSs rely on Ly, to measure § and disregard R, yay [108].

These considerations are verified by measuring the impedance of the
realized PCB-integrated excitation coil at 25 °C and 100 °C. The measurements
are conducted for the shield/target combination with 0.2 mm thick stainless
steel shield and 0.5 mm thick stainless steel target, as well as 0.2 mm thick
stainless steel shield and 0.5 mm thick aluminum target. The latter are shown
in Fig. 7.9. With these results, it is possible to observe and quantify the
influence of temperature on the equivalent input impedance of the excitation
coil. As expected, this is much more prominent on R j,, with variations of
about 30 % of the value of R.pc[2s-c) at the optimal excitation frequencies,
compared to L., which differs by less than 6 % of the value of L. pc[25-c] and
is hence negligible. In particular, the increased DC resistance of the sensing
coil R, represents the main difference component of R.v,r, Which is about
30 % larger for all frequencies (cf. Fig. 7.9 (b)). Additionally, the crossover
frequencies feomin and foos are shifted slightly towards higher frequencies
as a result of the increased Rs and Ry, causing the largest differences in L¢ yar
in Fig. 7.9 (b). The prominent effect of temperature on Ry, leads to an
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error in the measured position, which can be visualized in Fig. 7.9 (c) for
different values of the air gap § when exciting the coil at, e.g., foptr. If the
sensor is calibrated for T = 25°C, in the extreme case of T = 100 °C the
error Jerr ON the measured position can be as large as 1.1 mm. This is quite
concerning for the stability of the magnetic bearings and needs to be explicitly
corrected. On the other hand, if the same is checked for Ly, at the optimal
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Fig. 7.9: (a) Normalized R¢ var(w, 8) and L¢ yar (@, §) versus frequency for the 0.2 mm
thick stainless steel shield and 0.5 mm thick aluminum target configuration at § =
0mm and 2mm and T = 25°C and 100 °C, as measured from the realized excitation
coil. All values are normalized to its DC resistance and inductance at 25°C. (b)
Differences between the normalized R yar(®,d) and L¢yar(w,0) at T = 25°C and
100 °C, for both § = 0 mm and 2 mm. The values represent the percent difference in
Revar(w, 6) and L yar(w, 8) over AT =75 °C. (c) Values of R yar and L¢ yar versus air
gap 0 for T = 25°C and 100 °C, measured for the optimal inductance and resistance
excitation frequencies. The position error derr due to the temperature variation AT =
75 °C is indicated.
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excitation frequency fopiL, Oerr results smaller than 2 pm, i.e., temperature
does not have a significant influence on the measured position. However,
it has to be considered that fy,1 is smaller than fopr, even by an order
of magnitude in the case of Fig. 7.9 (a), and it might not be sufficient for
highly dynamic applications as, e.g., very-high-speed magnetically levitated
machines. In such a case, it is therefore necessary to be able to distinguish
between impedance variations caused by position or temperature variations.
This is only possible if full knowledge about the impedance Z_;y, is gained,
which means that not only R.in or L. i, but both values have to be determined.
In order to achieve this, an appropriate sensor interface is needed, as discussed
in the next section. There it is shown that in this way, the ECS measuring
through conductive walls allows measuring accurately the air gap J, since
variations in temperature T are compensated.

7.5 Sensor Interface and Signal Conditioning

Once the sensor concept is analyzed, it is possible to understand its operating
principle and which quantities contain information on the measurand. The
next problem to address is how to extract such information and convert it into
a usable signal. For this purpose, a measurement circuit (or sensor interface) is
needed, which has three main functions. First, it has to provide an appropri-
ate AC excitation signal to the sensor coil. Secondly, it has to transduce its
impedance variations into measurable voltage or current signals. Finally, the
obtained signals have to be further conditioned to be easily measured, e.g., to
be digitized and acquired by a MCU and to be translated into a position. As
mentioned, in the considered case an important requirement is the possibil-
ity of gaining full information on the excitation coil’s impedance variation
AZ.in (6, T, w), in order to be able to distinguish and measure both variations
of the air gap § and of the temperature T.

7.5.1  Overview of the Proposed Measurement Circuit

An overview of the proposed measurement circuit is given in Fig. 7.10. It
consists of three main parts, which implement the three aforementioned
functions.

The excitation frequency wexc = 27 foxc directly determines the sensor’s
position (and temperature) sensitivity, as it affects the penetration depth of
the primary magnetic field in the shield-target combination. Therefore, it
is reasonable to select a measurement circuit which operates with a fixed
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excitation frequency. Consequently, measurement circuits that perform an
impedance-to-frequency conversion, commonly used for conventional ECS
[109], have to be excluded. With a fixed excitation frequency, AZ i, can then
be converted into an amplitude variation AU or Al.

The most suitable candidate circuit performing such conversion is the AC
Wheatstone bridge, often found in the literature as an ECS interface [110].
The bridge is excited by a sinusoidal voltage signal Uey, With frequency foxc
and its output is the voltage Uy, oyt This circuit is particularly well suited to
measure unbalances between the impedances of its two legs. Therefore, in
many cases, the excitation coil of the ECS is included in the bridge together
with a replica, purposely manufactured and used as a reference coil, kept
in nominal conditions (e.g at the nominal distance from the target). This
solution is used for high precision sensors, capable, e.g., to measure in the
subnanometer range [66]. An additional advantage, in fact, is that any changes
which are common to both coils (like, e.g., the offset in R, due to temperature
found in Fig. 7.9), are canceled. In the considered application, due to the
axial symmetry of the machine, it is advantageous to implement the ECS
as a differential sensor, which is obtained by placing two identical copies of
the excitation coil ECS, and ECS_ at the two opposite sides of the levitated
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Fig. 7.10: Schematic of the proposed measurement circuit, comprising excitation stage,
differential AC Wheatstone bridge, amplification and demodulation stages. Differential
sensing is realized by using two copies of the designed PCB-integrated excitation coil.
In order to implement quadrature demodulation, two channels consisting each of a
multiplier followed by a low-pass filter (LPF) are needed, together with a 90° carrier
phase-shifter. Exemplary intermediate signals are also reported.
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rotor. By including both sensing coils in the AC Wheatstone bridge, it can be
shown that the output voltage Uy, oyt depends of the differential impedance
Ziit = Ze+in — Ze—in, Which finally gives a measurement of the differential
position dgi¢ = 84 — O—. It can be proved that differential sensing improves the
sensitivity and the linearity of the sensor’s output, even though the original
variations of the measurand are not linear [111].

As a result of the variations of both the air gap § and temperature T,
the output voltage Uy, o is finally an attenuated and phase-shifted version
of the excitation voltage Uey.. More specifically, the variable air gap g (1)
modulates in amplitude and phase Uy out. Therefore, in order to recover Sgie ()
and simultaneously gain full information (real and imaginary parts) on Up; out
(and hence on the impedance Zyi) quadrature demodulation is used. In case
only dgi (¢) is of interest, with, e.g., minimal influence of T, it is sufficient to
use only one demodulation channel.

7.5.2 Analysis and Selection of the AC Wheatstone Bridge
Configuration

The AC Wheatstone bridge can be configured in many different ways: for
example, the two excitation coils can be placed either in the same bridge leg
or in two different legs. Additionally, it is possible to add a capacitor Cy.s in
series to the excitation coil to compensate its inductive reactance at a specific
resonant frequency. In this case, it would also be possible to excite the bridge

with a square wave voltage, which is much simpler to realize in practice.
Three configurations of most interest are analyzed. In configuration B1
(Fig. 7.11 (a.i)), the two excitation coils make part of two different bridge legs.
This is the most basic configuration, and the value of the bridge resistors Ry,
is optimized to yield the largest magnitude of Uy oy In configuration B2
(Fig. 7.11 (b.i)), a capacitor C; is added in series to each coil, and chosen to
resonate with the value of L., for § = 1mm, which is the nominal air gap.
The resonant frequency is also optimized, together with the value of Ry,, to
yield the largest magnitude of Uy, . Finally, configuration B3 (Fig. 7.11 (c.i))
is a variant of B2 realized with only one capacitor in series with both bridge
legs. Bridge configurations where both the excitation coils are in the same leg
were studied as well, but provide in general slightly worse sensitivity to dgif,
hence they are not reported. In order to select the most appropriate bridge cir-
cuit, together with the corresponding optimal excitation frequency f;p, each
configuration is investigated analytically. By simple AC circuital analysis,
the transfer function G(s) from the input voltage Uey. to the output voltage
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Upr out is derived. With this, it is possible to obtain Upy oyt = G(5) Uexc as a
complex-valued phasor for a given array of frequencies and differential posi-
tions, starting from the measured impedance of the realized PCB-embedded
coil. The influence of temperature discussed in Sec. 7.4 can also be easily in-
cluded in this analysis. The values of R, j, and L j, used are the ones measured
for the most sensitive shield/target combination, i.e., 0.2 mm thick stainless
steel shield and 0.5 mm thick aluminum target. In Fig. 7.11, for each bridge
configuration, Uy, oyt is visualized on the complex plane for different frequen-
cies, values of the differential position dqi and temperatures T = 25 °C and
100 °C.

The studied configurations are compared according to a few selection cri-
teria. The most important requirement is high sensitivity to the differential po-
sition d4if, which translates in the largest magnitude of the phasor Uy out. The
second aspect to take into consideration is the sensitivity to the temperature
T. As mentioned, the designer can choose whether measuring T is of interest,
or whether it is more important to minimize its influence on the g4 mea-
surement. The normalized sensitivity curves in Fig. 7.12 are extracted from
the data in Fig. 7.11 for the exemplary configuration B1. The d4;¢-sensitivity
curve is given by the magnitude of Uy oyt for the largest dqi¢ = 1 mm versus
frequency and normalized to its maximum. For the T-sensitivity curve, in-
stead, the magnitude of the difference vector Uy out100°c — Ubr.out25°C Versus
frequency is considered, again for dgix = 1mm and normalized to its maxi-
mum. With the sensitivity curves two optimal frequencies can be identified,
for two scenarios:

1. in case combined sensitivity to dgi and T is desired, the optimal fre-
quency fopt,comb can be found, which corresponds to the peak of the
product sensitivity curve shown in Fig. 7.12, which in case of con-
figuration B1 leads to an optimal frequency fopt.comb = 299 kHz. The
corresponding Uy, oyt Obtained at this frequency on the complex plane
is highlighted in blue in Fig. 7.11 (a.ii);

2. in case only Sgif is of interest, it is possible to select the frequency fop,s.
which offers the optimal compromise between sensitivity to dg;r and to
T. This corresponds to the condition for which the sensitivity to dg
dominates the most with respect to the sensitivity T, i.e., to the peak of
the ratio sensitivity curve as shown in Fig. 7.12. In case of configuration
B1 this leads to an optimal excitation frequency fopis = 563 kHz. The
corresponding Uy, out Obtained at this frequency on the complex plane
is highlighted in orange in Fig. 7.11 (a.ii).
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Fig. 7.11: Analysis of three differential AC Wheatstone bridge configurations with (a.i) no resonant series capacitor, (b.i) a series

resonant capacitor per coil and (c.i) only one series resonant capacitor shared for the two coils. For each case, the bridge output voltage

phasor Uy oyt resulting for a unitary Ueyc is visualized on the complex plane in (a.ii), (b.ii) and (c.ii). Upy oyt is calculated for values
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and T = 25°C and 100 °C. In order to improve visibility, only positive values of d4; are shown, as all curves are symmetric with
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Chapter 7. Eddy-Current Position Sensor Through Conductive Barriers

Besides sensitivity, another important requirement is the measurement band-
width of the sensor, which has to be sufficiently high. This is directly related
(approx. one decade before) to the selected fux. Finally, linearity has the least
priority, as the non-linear sensor readout can eventually be corrected (e.g., in
firmware).

With the results of Fig. 7.11, the analyzed bridge configurations can be
compared and some trade-offs outlined. The sensitivity to dg is higher for
the alternatives with a resonant capacitor Cyes. For B2 (max 0.26 V/mm) it
is up to 40 % larger than B1. The enhanced sensitivity comes at the cost of
a visibly higher non-linearity. For B3, instead, it is only 20 % larger than
B1. As mentioned, the value of Cyes is optimized together with the reso-
nant frequency to yield the largest possible U, out. Interestingly, during the
analysis it was found that resonance yields a sensitivity above 0.2 V/mm
for a large range of frequencies, from 100 kHz to 1.4 MHz for B2 and from
150 kHz to 600 kHz for B3. Therefore, these configurations give the freedom
of adjusting fix. according to the designer’s preferences, also allowing to
obtain larger bandwidths. Nevertheless, in B2 the two resonant capacitors
have to be precisely matched for good results, which can be impaired by
the components’ tolerances and that would require cumbersome capacitive
trimming. In this sense, the advantage of B1 is that no additional component
is required. Furthermore, this simple configuration still offers a sensitivity
comparable to, e.g., B3 and it allows using higher excitation frequencies.

1.0 dqife-sens. - - - - Prod.-sens.

—— T-sens. Ratio-sens.

] T B

: : o;l)c.é\
0,28 — fopt‘c(v)n)bi -
10° 10° 10' 10° 10° 107

Frequency [Hz|

Fig. 7.12: Sensitivity curves extracted from the data of Fig. 7.11 for the configuration
B1. Each curve is normalized to its maximum. With the product curve and the ratio
curve it is possible to identify the optimal excitation frequencies for combined or 8g;¢-
only sensitivity. The ratio curve is calculated only for values of the d4-sensitivity
curve > 0.25.
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7.5.3 Amplification and Demodulation Stage

Before processing Uy ont further, a difference amplifier is employed at the
output of the bridge. Typically an instrumentation amplifier is used, due to
its high input impedance and common mode rejection ratio. The amplified
signal is then demodulated with coherent demodulation, in order to preserve
information on its sign. Coherent demodulation is realized by multiplying
Upr out With the excitation signal Uey, (the carrier). Finally, the resulting 2 - fox.
components in the multiplied signal are removed by a low-pass filter H(s),
with a cutoff frequency chosen, e.g., a decade before f.y.. This way, only
the low frequency information about 84 (¢) is retained. Importantly, pro-
vided that all the previous stages are designed to achieve a sufficiently high
bandwidth (e.g., at least one decade larger than fu.), the final measurement
bandwidth of the ECS is only defined by the cutoff frequency of the low-pass
filter. Quadrature demodulation is realized with an additional channel, which
employs a 90° phase-shifted version of the carrier. With the combined infor-
mation from the in-phase (I-) and quadrature (Q-) channels, the modulating
signal can be fully recovered. In fact, it can be easily verified that the I- and
Q- voltages Ur and Ug correspond to the real and imaginary components of
the complex phasor Uy, out scaled by a factor 0.5 and hence

Saier (1) o< |Ubrour| (1) = 2 \JUF () + UG (1) (7.17)

Finally, the demodulated Uy and Up are the signals that have to be mea-
sured or sampled by an ADC. If the gain of the instrumentation amplifier is
adjusted to fully utilize the input range of the ADC, the final resolution of
the ECS is defined by the number of bits of the ADC. Clearly, bridge config-
urations that offer a large sensitivity will result in a better signal-to-noise
ratio.

7.5.4 Realized Measurement/Evaluation Board

The proposed measurement circuit is implemented with a hardware eval-
uation board prototype, shown in Fig. 7.13. The excitation stage consists
of a stimulus generator followed by a driving stage, which can supply the
bridge with sufficient current. In order to allow for the maximum flexibility
during commissioning of the ECS, the stimulus generator is the Direct Digital
Synthesizer AD9833 by Analog Devices. This IC is very simple to use and it
can be programmed via SPI to generate sine, square or triangular voltage
waveforms with frequencies up to 12.5 MHz and a resolution of 0.1Hz. The
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generated signal is pre-processed with a RC high-pass filter (15 Hz cutoff) for
DC removal, and then pre-amplified to an amplitude of 1V, which matches
the input specifications of the analog multiplier. In fact, this is the signal
used later as demodulation carrier. The 90° phase-shifted carrier for the Q-
channel is also generated exactly in the same way, with a second AD9g833.
The driving amplifier is configured with a gain of 2.5, thus outputting the
excitation voltage Uy with an amplitude of 2.5V. The AC differential Wheat-
stone bridge follows, implemented in such a way that all the possible bridge
configurations (cf. Fig. 7.11) can be realized. Although monolithic solutions
exist, the instrumentation amplifier is realized with three op-amps in order to
guarantee high bandwidth (above 10 MHz). The gain of the instrumentation
amplifier is adjustable with a 2kQ precision trimmer resistor, in order to
match the input voltage levels of the analog multiplier (+1V) for the largest
daif = =1 mm. For each of the two demodulation channels, the analog multi-
plier takes the amplified version of Up; out and the pre-amplified Uex as inputs.
Each product signal is then filtered with an active 4th order lowpass filter in
a Multi-Feedback configuration [112]. The chosen cutoff frequency is 30 kHz.
Additionally, this stage features a gain of 2 to compensate the 0.5 factor in-

+5V In Coil Connectors

AC Differential
4 Wheatstone Bridge
Excitation Stage
@ Signal Gen. (DDS)
@ Pre-Amp.
® Driving Amp.

B [nstrum. Amp.

® Input Buffers

@ Difference Amp.
- 5 Demodulation Stage
ADCs 4 ° NG Analog Multiplier
Conn. to MCU . L B @ LPE (Multi-FB)

Fig. 7.13: Realized PCB prototype of the measurement/evaluation board. The board is
provided with a single Upc = 5V power supply, from which a dual +5V power supply
is generated by the auxiliary power stage (LMZz1701 and TPS63700, Texas Instruments).
The excitation stage uses a LTC6227 (Analog Devices) for pre-amplification and a
THS4211 (Texas Instruments) to drive the coils. The instrumentation amplifier is realized
with two LTC6228 as input buffers and a AD8ogg for the difference amplifier (very
good CMRR, —105 dB up to 1 MHz). The demodulation stage uses the AD835 (Analog
Devices) four-quadrant analog multiplier and another LTC6227 for the active lowpass
filer.
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troduced by demodulation and a 2.5V level shift to obtain a positive output
signal. This way, the two demodulated I- and Q- voltages can be sampled
with the 12-bit ADC LTC2313, which has an input voltage range from 0V to
4.096 V. Therefore, with the gain of the instrumentation amplifier adjusted to
get a =1V output for dgip = +1mm, the final sensitivity is 1mV/um, which
with the given 12-bits quantization and input range of the LTC2313 results in
a displacement resolution of 1 pm.

7.6 Measurements and Results

The impedance variations were verified with the realized PCB-embedded
excitation coil in Sec. 7.3 for different values of the air gap . In this section,
the proposed measurement circuit, implemented with the realized evaluation
board, is verified instead.

7.6.1 Measurement Circuit Verification

The functionality of the measurement circuit is verified with both static and
dynamic measurements.

Static Measurements for Different Temperatures

As the name suggests, the static measurements are realized for fixed values of
the differential position dqi. By sweeping the excitation frequency and plot-
ting on the complex plane the measured values of Uy and Up, it is possible to
obtain the experimental version of the bridge output plots of Fig. 7.11, scaled
by the constant gain of the instrumentation amplifier. Also the temperature
T is varied from 25 °C to 100 °C. With the following set of measurements,
the functionality of the measurement circuit (excitation, differential bridge
configuration, demodulation) is verified completely.

First of all, multiple sample buildups are prepared as described in Sec. 7.3
for the differential positions 84 = {0.5,0.75,1} mm and placed in an oven
with controllable temperature. They are connected through a hole in the wall
of the oven to the evaluation board, which is placed outside of the oven as
close as possible. For each measurement, all the sample buildups are first
heated up to the desired temperature. Then, a pair of sample buildups is
connected to the evaluation board and a frequency sweep from 10 kHz to
10 MHz and 40 points per decade is automatically performed. This is done
by commanding the desired frequency to the signal generators and then
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Fig. 7.14: Experimental verification of the evaluation board implementing the bridge
configuration B1. (a) Sensitivity curves (84;¢-, T-, product and ratio) extracted from the
measurements, each normalized to its maximum. The optimal excitation frequencies
for combined or dy;g-only sensitivity are indicated. (b) Complex plane with the
sampled I- and Q- output voltages of the measurement circuit, scaled by the gain
of the instrumentation amplifier to reconstruct the bridge output voltage phasor
Ubrout- The measurements are performed automatically for values of f = w/27
logarithmically evenly spaced between 10 kHz and 10 MHz with 40 points per decade,
Saiff = {0.5,0.75,1} mm and T = {25, 50, 75,100} °C.

acquiring 100 samples with both I- and Q- channels ADCs, which are then
averaged. In the process, some intermediate signals, like, e.g., Uexc and the
output of the instrumentation amplifier are monitored with an oscilloscope.
When the measurement is completed, the next pair of sample buildups is
connected, a certain time is waited in order for their temperature to settle
again to the desired value and finally the routine is restarted. The results are
visualized in Fig. 7.14 for the prototypical case with 0.2 mm thick stainless
steel shield and 0.5 mm thick aluminum target and the bridge configuration
B1. The 2.5V level shift introduced by the low-pass stage is removed by
measuring the ADC readings for no excitation and removing such offset from
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Fig. 7.15: Experimental Bode plot verifying the transfer function H(s) of the low-pass
stage used after the analog multiplier for amplitude demodulation. The blue line is
obtained from the analytic transfer function. The measurements confirm the expected
DC gain, cutoff frequency and a fourth-order low-pass characteristic.

the measured data. Additionally, in order to recover the original Uy out and
allow a more direct comparison with Fig. 7.11 (a.ii), the measurements are
scaled down by the gain of instrumentation amplifier, which is measured
experimentally for a test excitation and is equal to Gipa = 1.5V/V in this
case, and by a factor 2.5 because of the + 2.5V Uey. Fig. 7.14 (a) shows
the sensitivity curves introduced in Fig. 7.12, which are extracted from the
measured data plotted on the complex plane in Fig. 7.14 (b). The optimal
excitation frequency foptcomb = 355kHz is close to the expected value of
299 kHz. However, fopi,s = 750 kHz is about 33 % off. This can be explained
by the fact that the ratio-sensitivity curve in Fig. 7.14 (a) is relatively flat, and
hence its maximum can deviate strongly from the predicted one in Fig. 7.12.
Also the temperature’s influence is visible and measurable if two demodulation
channels are used. With the additional points for 50 °C and 75 °C, it can also
be verified that the voltage varies smoothly within the two boundary curves.

Dynamic Measurements and Bandwidth Verification

As a final step, the measurement bandwidth of the realized ECS is verified
with an experimental Bode plot. As mentioned, the low-pass filter of the de-
modulation stage is the one defining the final ECS bandwidth. For this reason,
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this verification can be conducted electrically with a signal generator. In par-
ticular, the Uy oyt resulting from a target moving sinusoidally can be emulated
by a sinusoidal carrier at the frequency fexc with double-sideband amplitude
modulation (DSB-AM). The carrier’s frequency is fixed to fex. = 300 kHz and
its amplitude is 0.4 V, chosen together with the gain of the instrumentation
amplifier Gipa = 2.5V/V to get a +1V output. The frequency of the modulat-
ing sine wave is swept from 100 Hz to 100 kHz with 11 points per decade. The
+1V carrier used for demodulation by the multiplier is provided by the same
external generator, in order to guarantee synchronization between the signals.
The output of the low-pass filter is a sine wave with the same frequency as the
modulating signal, as expected. For each frequency, its amplitude is measured
(which, compared to the unitary voltage input directly gives the gain of H(s)),
together with the phase-shift with respect to the DSB-AM modulating signal.
Fig. 7.15 shows the obtained experimental Bode plot. The analytic transfer
function for the Multi-Feedback active filter configuration is given in [112].
Two of such second-order filter stages are cascaded, with the values of the
passive components selected to yield a DC gain Hpc = 6 dB, a cutoff fre-
quency of fipr = 30kHz and an overall fourth-order low-pass characteristic
with —80 dB slope beyond fipp. All these characteristics are verified by the
measurements. Consequently, the final ECS measurement bandwidth lies
approx. one decade before fipr, i.e., facs & 3 kHz.

7.7 Summary

This chapter discusses the design of an Eddy-Current Sensor (ECS) measur-
ing the position of a moving conductive target located behind another fixed
conductive shield. The analysis previously started with the aid of FEM simula-
tions in [113] is now extended and completed with a full analytical transformer
model, which describes the impedance variations of the sensor’s excitation
coil for varying frequency and air gap and allows calculating the optimal
excitation frequencies, thus allowing to design optimally the excitation coil
to maximize, e.g., position sensitivity. Then an investigation on the temper-
ature’s influence on the sensor’s output is conducted, which is a relevant
problem given the underlying application. Temperature particularly affects
the resistive part of the impedance variations, so it has to be taken into ac-
count also while selecting a sensor interface. The most suitable measurement
circuit is a differential AC Wheatstone bridge, which is analyzed thoroughly
to find the optimal excitation frequencies which result in the maximum output
voltage. Finally, a measurement setup consisting of a hardware prototype of
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the evaluation board, the excitation coil and various thin metallic samples
is realized. The results verify the functionality of the measurement circuit,
of the sensor concept itself and its achievable bandwidth. With a 30 kHz
measurement bandwidth, a sensitivity of 1mV/um and 1pm resolution, the
studied ECS is applicable as a highly-dynamic position measurement system
for entirely sealed MBs. In future work, stable operation of AMBs using the
proposed ECS can be demonstrated experimentally with a hardware prototype
of a sealed actuator. In this context, the exact number of sensors required
and their placement will be analyzed. Such experimental setup would also
allow to investigate the impact of disturbing magnetic fields coming from the
stator’s winding on the proposed ECS.
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Conclusion and Outlook

NEXT—generation Total Artificial Hearts (TAHs) need novel pumping prin-

ciples and designs that could improve their durability, reliability, and
hemocompeatibility, paving the way to full implantation. The novel TAH Shut-
tlePump is a promising example, but, as seen, it comes at the cost of a more
advanced and highly integrated Linear Rotary Actuator (LiRA) drive system.
This work addressed its design and experimental verification, overcoming
numerous challenges to satisfy all the stringent constraints and requirements
imposed by the application.

8.1 Summary and Findings

The content of this thesis is briefly summarized in the following, highlighting
the most significant results.

The requirements identified in the course of the preliminary feasibility
studies by the project partners at Charité Berlin and the Medical University
of Vienna were discussed in Chapter 2. The most relevant ones for the
subsequent machine design were:

1. The required motion profile, with quasi-sinusoidal 8 mm-stroke lin-
ear motion, synchronized to continuous rotation at 90-300 rpm (i.e.,
1.5-5 Hz operation). The targeted linear and rotary tracking accuracies
were 1mm and 5°, respectively;

2. The required axial force profile, peaking at 43N, and the required
continuous torque of 3.1 mN m;

3. The maximum 40 N radial load capability of the hydrodynamic bearing;
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4. The limits in power losses (10 W), volume (maximum outer dimensions

@70 mm X 105 mm), and mass (900 g).

From these requirements, the mechanical output power for the LA (3.6 W)
and the RA (0.1 W) were obtained, which led to the decision to prioritize the
design of the LA over the RA.
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> The design of the LA was presented in Chapter 3. To maximize the

active area for force generation, the chosen Permanent Magnet Syn-
chronous Machine (PMSM) topology was a tubular LA. The Finite Ele-
ment Method (FEM) optimization explored the crucial trade-off between
ohmic power losses and radial magnetic attraction force. The final de-
sign was selected with the primary target of minimizing the ohmic
losses within the maximum radial pull design limit of 25N. The results
of the experimental verification confirmed the predicted machine con-
stant profile, with a peak of 27.5N/A. Over a period of operation, the
resulting average ohmic losses amount to 7.9 W. The radial attraction
force measured at 140 pm displacement is 23.8 N.

The design of the RA was discussed in Chapter 4. This was split in two
modules placed at the two sides of the designed LA. Due to the tight
spatial constraints, a PMSM configuration with only a partial coverage
of both the rotor PMs and the stators had to be chosen. This introduces
a significant cogging torque component. FEM simulations were used
to ensure that the RA can generate the required 3.1 mN m torque on
average and to investigate the trade-off between cogging-induced speed
ripple and ohmic losses. Furthermore, the 3D FEM simulations of the
complete LiRA confirmed that the RA does not have any negative effect
(increased axial cogging or reduced force generation) on the LA. The
experimental measurements on the RA prototype closely verified the
torque profile predicted by FEM. The required torque can be provided
with 324 mW of power losses.

The design of the linear-rotary ECS was the topic of Chapter 5. The sen-
sor was obtained by extending a commercially available rotary sensor
with two post-processing options to extract also the linear position in-
formation. The amplitude-based option is simple to implement and uses
the same measurement signals as for the rotary position. The frequency-
based option instead allows trading off bandwidth for measurement
accuracy. The realized ECS prototype offers position accuracies below
100 um and around 5°, with adequately large bandwidth up to 10 kHz.
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» Simultaneous linear-rotary motion control of the LiRA was finally
demonstrated in Chapter 6. The current and position controllers were
designed based on the derived electromechanical dynamic model of
the LiRA and implemented digitally in the realized inverter and control
unit. The achieved linear positioning accuracies were of 0.38 mm for no
load operation, and 0.89 mm (advantageously making use of a distur-
bance observer) for nominal operation under strong axial disturbance,
provided by the controllable load. Simultaneously, the rotary position
is kept within the specified tolerance band of +5°.

» Chapter 7 complemented the work with a focus on contactless sens-
ing, presenting an ECS measuring through a conductive barrier. Based
on the described impedance variations of the sensor’s excitation coil,
design rules for the ECS were provided, as well as a procedure to design
the coil to maximize position sensitivity. The influence of temperature
on the sensor’s output was investigated, showing that it could cause a
large measurement error. With the selected differential AC Wheatstone
bridge, it is possible to distinguish between position and temperature
variations. It was possible to distinguish two optimal excitation fre-
quencies: one for which temperature variations have the least effect,
and one for which both variations can be captured. The results verified
the functionality of the measurement circuit, the sensor concept itself,
and the achievable bandwidth. The considered design offers a 30 kHz
measurement bandwidth, a sensitivity of 1 mV/mm and 1 pm resolution.
Hence, the studied ECS can be used not just for the ShuttlePump in
presence of a metallic enclosure, but also for stabilization of entirely
sealed active magnetic bearings.

8.2 Outlook and Future Research

The obtained results clearly indicate that the designed LiRA drive system is
adequate to enable the pumping operation of the ShuttlePump. Clearly, this is
a first design iteration that leaves space for improvements. Some of these, to-
gether with further ideas and observations on the overall ShuttlePump concept
are collected in the following list.

» The most delicate aspect of the ShuttlePump may be the radial load capa-
bilities of its hydrodynamic bearing. The predicted limit of 40 N needs
to be thoroughly verified with experimental measurements for nominal
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operation and most importantly with the realized LiRA. The radial mag-
netic attraction force that this introduces, and that was analyzed during
the LA design, was in fact intentionally kept to a conservative limit of
25N for the maximum radial displacement of 140 um. An unexpected
hydraulic radial force disturbance might destabilize the hydrodynamic
bearing, with a potential damage of the pump’s inner surfaces due to
contact between the piston and the enclosure. In this context, especially
challenging can be the startup phase from a standstill piston, when the
bearing still needs to be established. An interesting option could be the
design of an auxiliary active magnetic bearing helping to counteract
strong piston eccentricities.

As known from scaling laws for electric machines, also appearing in
the first principle derivations of Chapter 3, there is a direct propor-
tionality between generated force and volume. Therefore, it might
be reasonable to consider a different balance between operational fre-
quency (linear/axial speed) and required force for the same mechanical
output power. If slightly higher operational frequencies can be allowed,
with limited impact to blood damage due to the increased shear rates,
the volume of the ShuttlePump can be reduced. A smaller LiRA would
be lighter and more compact, making the device suitable for a larger
patients population or even for pediatric use. Furthermore, the radial
attraction forces introduced by the LiRA would also be reduced, im-
proving the stability of the hydrodynamic bearing. The price to pay
due to the higher operational frequencies would be increased AC losses
(requiring, e.g., lamination of the stator cores to limit the effect of eddy
currents) and larger bandwidths for position and current control.

For the first animal tests, the power supply and the inverter and con-
trol units will be extracorporeal, with a drive line connecting to the
implanted pump. However, for the final version of the ShuttlePump, a
transcutaneous energy transfer system can be foreseen. This should
be designed together with the battery management system and a new
version of the inverter and control unit. In particular, aiming for an
overall miniaturization, the control unit needs to be replaced with a
simpler and more compact alternative.

As discussed for the RA design in Chapter 4, the undesirable tolerance
air gap at the bottom of the stator teeth yields a drastic reduction in
magnetic flux and hence generated torque. A different construction
of the rotary stator would be highly beneficial. For instance, each
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tooth could be inserted in the stator yoke through a matching cavity.
This measure would more move the tolerance air gap in a less critical
location.

» To simplify its realization, the back iron of the mover was built out
of multiple simple rings. However, following the distribution of the
magnetic flux density, it is certainly possible to shape its thickness to
be large only where strictly needed (e.g., at the center of the mover,
between the two LA magnet arrays). This way, a large amount of
magnetic material can be removed, and the total weight of the piston
can be sensibly reduced. Furthermore, other mover realizations, e.g.,
using Interior Permanent Magnets (IPM), can be considered. In that
case, custom PMs would be required.

> For the linear-rotary ECS, although the alternative frequency-based
option to measure the linear position was proposed and studied, it was
finally not used for control. It would be of interest to look further into
this option and compare the tracking results.

» The primary optimization objective of the LiRA was not efficiency, and it
is anyway a common challenge to attain high values for linear motors.
Nevertheless, this could be improved, also given that the system is
battery-powered.

» During the early stage of this work, i.e., while exploring suitable LiRA
concepts, the possibility of making one of the two motions passive was
explored. This might be done exploiting reluctance forces with a special
magnetic design. For the case at hand, this option was excluded, but
its potential to halve the number of phases should be considered for
future or alternative designs, e.g. with lower axial force requirements.

Extending the outlook beyond the scope of the ShuttlePump, a few further
considerations on the design process of MCS devices with electromechanical
actuation can be made. As exemplified by this work, the multi-disciplinary
collaboration behind the ShuttlePump was essential to combine the expertise
coming from so diverse research fields. In this context and learning from the
experience of this project, it might be beneficial to establish the co-design
process of the system in a different way. In particular, more space could be
given to the electrical engineer to think of and negotiate the motor require-
ments early stage, already during the definition of the pumping concept.
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In conclusion, the pursuit of heart replacement solutions is ceaseless.
Recently, two xenotransplantations involving hearts from different species
were performed successfully. However, despite the success of the procedures,
the patients’ lives could not be saved. In comparison, the decades of research
and experience supporting the development of TAH and MCS technologies
have accelerated their maturity. This is evident in the numerous successful
implantations of LVADs as a notable example. The hope of tackling the ever-
growing public health problem of heart failure with improved long-term
treatment remains strong.
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Measurements of the Undesired Air
Gaps in the RA

In the following, the measurements of the undesired assembly tolerance air
gap lengths, discussed in Sec. 4.5.3, are reported. The air gap lengths are
measured with two methods: a direct one (mechanical) and an indirect one
(magnetic). For the first method, the inner radius of the tested RA module
is measured at several locations, as indicated in Fig. A.1 (a). This is done
using the measurement probe of the 5-axis CNC machine DMU 4o monoBlock
from Deckel Maho, which offers an accuracy of 5pum. The difference with

Fig. A.1: (a) Measured inner radii of the RA to find the length of the introduced
tolerance air gaps. (b) Indirect (magnetic) method to estimate the length of the
introduced tolerance air gaps. Two teeth are magnetically shorted together with an
arc-shaped piece of magnetic material, and the inductance of one of the coils in the
magnetic circuit is measured.
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respect to the nominal rj;, = 25 mm corresponds to the introduced tolerance
air gap length di,). The measurements are reported in Tab. A.1. For the
second method, each tooth is made part of a magnetic circuit, where the
tolerance gap is the main air gap. This is done by magnetically shorting two
teeth against each other with a small piece of magnetic material, as shown in
Fig. A.1 (b). This way, by measuring the inductance of a stator coil Lieas,
the tolerance air gap length can be calculated as

Ho N}% Atooth

(An)
2 Lmeas,i

dtol,i =

The measurements obtained with this method are reported in Tab. A.2. Fi-
nally, an average value of di;; = 0.1mm is considered for Sec. 4.5.3 and
Sec. 4.6.

Tab. A.1: Measured assembly tolerance air gap lengths (direct method).

Tooth ry [mm]  dio [mm] | Tooth ry [mm]  dig [mm]
A1 24.809 0.191 A2 24.863 0.137
B1 24.739 0.261 B2 24911 0.089
C1 24.839 0.161 C2 24.877 0.123

Tab. A.2: Estimated assembly tolerance air gap lengths (indirect method). The under-
lined tooth indicates that the coil mounted on it is measured.

Connection L [mH] dio [mm] | Connection L [mH] d;o [mm]
A1 to B1 10.02 0107 | AztoB2 11.03 0.097
Bito A1 9.89 0.109 B2 to A2 10.73 0.100
Bito C1 10.08 0.107 B2to C2 10.56 0.102
Ci1to B1 12.34 0.087 C2to B2 11.73 0.092
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Post-Processing of the Linear-Rotary
Measurement Signals

The measured signals from the two ECSs of the ShuttlePump are combined to
obtain a final measurement of the linear position zy,e,s and the rotary position
@Pmeas- 10 always use the higher quality signals measured by the sensor with
the closest target, the simplest approach is to use a linear weighting of the
form

Zmeas = (8 mm — ZSl)(l - WZ) - (8 mm + ZSZ) Wz, (Bl)

with the weight w, depending on the (previous-step) axial position defined as

1, for Zmeas < —Zcomb
— Zcomb —Zmeas
Wz = Coénzmmreag, for — zeomb < Zmeas < Zcomb > (B.2)
0 for zmeas = Zcomb

where z¢omp defines the axial position range [—zcombs Zcomb] for which the
sensors measurements are linearly combined. In the presented results,
Zeomb = 6mm is used, and the resulting weight w, is shown in Fig. B.1.
As mentioned in Sec. 6.6, this post-processing method could introduce mea-
surement disturbances especially around the zero-crossings of the linear
position, which can be significant if the calibration is not performed correctly.

For what concerns the rotary angle @meas, the output angles ¢(s; 52 calcu-
lated by (6.1) are in the range [—u, 7], so they are first conditioned to [0, 27].
Then, the same weighting method as for zp,e,s is used, hence

Pmeas = (1 - W(p) s sy + We - ((pSZ - (Pmis)a (B3)
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Linear Position zpe.s[mm)]

Fig. B.1: Weights w; and wy, as well as the curves (1 — w;) and (1 — wy), used to
linearly combine the sensors signals z(s; 52} in (6.2) and ¢(sy52} in (6.1). The weights
wz and w,, are calculated according to (B.2) with z.omp = 6 mm and z.pp, = 1.5 mm,
respectively.

with w,, calculated according to (B.2) with zcomp = 1.5 mm as visible in Fig. B.1.
This value proved to yield the best results experimentally. Finally, the mis-
alignment correction offset ¢u;s is also a crucial parameter, as the sensors
might still provide a slightly different reading even though care is taken dur-
ing mounting to adjust their relative position. If this is not carefully selected,
a pronounced measurement disturbance appears in the measured rotary angle
@meas, corresponding to the difference ¢s; — @ss.
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Input Impedance of the Excitation
Coil for the ECS Through the Walls

The complete analytical expression of the excitation coil’s input impedance
Z.in(w, ) obtained from the equivalent transformer model in Sec. 7.3.3 is

reported:
Znum (@, 6)

Zcin > = >
in(4,0) Zpen(w, 8)

(Ca)

where

ZNUM(CL), 5) = R1R2R3 +j (L1R2R3 + L2R1R3 + L3R1R2) w+...
- (L1L2R3 + L1L3R2 + L2L3R1 - L1L2R3k122 - L1L3R2k132 - L2L3R1k232) a)2 +...

— (LiLyLs — j LiLyLskip® — j LiLyLskys® — j LiLyLskis® + 2 LiLyLskizkiskzs) o,
(C.2)

and

ZpeN(@, 6) = RaRs + j (LyRs + L3Ry) w + Ly Ls (kzaz -1) »*. (C.3)
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