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Abstract—Cost, volume, and weight are three major driving
forces in the automotive area. This is also true for hybrid elec-
tric vehicles, which are attracting more and more attention due
to increasing fuel costs and air pollution. In hybrid vehicles, the
energy distribution system causes a significant share of the volume
and the costs. One part of this system is the dc–dc converter that
transfers power between the low- and high-voltage buses. In order
to reduce the costs and the volume of this converter, this paper
presents a new concept for integrating the dc–dc converter func-
tionality into the traction drive system. By using the inverter and
the machine to implement a primary bridge leg of an isolated full-
bridge dc–dc converter, the total system costs and weight can be
reduced. This concept is verified by simulations and experimental
results for a scaled prototype. An analytical model of the system
has been developed and agrees very well with the measurements.
By scaling this model to the power levels typical for hybrid vehi-
cles, it is expected that the efficiency for the dc–dc converter will
be greater than 85% for a conventional modulation scheme and
above 91% for an optimized switching scheme.

Index Terms—Electric vehicle motor drives, novel power con-
verter topologies for vehicle drives.

I. INTRODUCTION

GROWING fuel cost is just one factor that is driving the
development of hybrid electric vehicles [1]. Today, there

are several car manufacturers producing hybrid vehicles and
the research activities in this area are growing. Fig. 1 shows
the common voltage levels and interconnections for the electric
power system of a hybrid vehicle.

Conventional mild- and full-hybrid electric vehicles usually
have two different voltage levels. The 14-V dc bus is often sup-
plied by a 12 V battery. Traditional loads, such as fans and
lighting systems, are connected to this low-voltage bus. In addi-
tion, there is a high-voltage 200–600-V dc bus, which provides
the necessary power for the propulsion system, and is connected
to the low-voltage bus via a bidirectional dc–dc converter. This
converter needs to be galvanically isolated for safety reasons.
The supply voltages of the electric machine are produced by a
dc–ac converter connected to the high-voltage bus.
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Fig. 1. One possibility of a conventional electrical power distribution system
architecture for hybrid electric vehicles.

In recent years, the growing number of additional electrical
loads forced the car industry to consider the introduction of an
additional 42-V dc bus, supplied via a 36 V battery [2], in addi-
tion to the 200–600-V voltage source. In a first step, the conven-
tional 14 V level is also installed, since most of the traditional
loads are designed for 14 V operation. In the future, the 14 V bus
would be omitted for cost savings. However, the functionality
of the converter proposed in this paper is independent of these
changes. Another possibility is to omit the 200–600 V high-
voltage level and to supply the propulsion system with 42 V, as
proposed by Toyota for their mild hybrid system (THSM). As the
advantages of the high-voltage solution outweigh those of the
42 V variant, as shown in [3], it is assumed in the following that
the propulsion system is fed via a 200–600 V high-voltage bus.

In order to reduce the costs of the electric system and in-
crease the power density, the dc–dc converter linking the low-
and high-voltage buses could be functionally integrated into the
inverter and/or electric machine. For example, in [4], a possible
integration of the dc–dc converter in the inverter system is pre-
sented, but it is applicable only for split-phase motors. Another
integration possibility is described in [5], which is, however,
not galvanically isolated. In [5], galvanic isolation is not re-
quired, since the high-voltage bus is omitted and the electrical
machine is fed from 42 V. There, the zero-sequence voltage at
the machine’s star point is used to bidirectionally transfer power
between the high- and low-voltage dc buses. The output voltage
is controlled by choosing an appropriate switching scheme (see
Fig. 2). The inverter operates as a buck–boost converter and the
machine’s zero-sequence inductance serves as the buck–boost
inductor. Similar concepts without galvanic isolation have been
presented in [6]–[8] and [9].

As mentioned earlier, it would be desirable to feed the propul-
sion system from the high-voltage bus. The concept proposed
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Fig. 2. Concept of integration without isolation.

Fig. 3. Multifunctional converter systems (MFCS). (a) Separated dc–dc con-
verter and inverter. (b) Proposed integrated dc–dc converter: MFCS-I. (c) Pro-
posed integrated dc-dc converter: MFCS-II.

in [5] cannot be used since the high-voltage to low-voltage con-
verter needs to have galvanic isolation for safety reasons. In
addition, the output voltage Vout of the dc–dc converter cannot
be controlled in every operating region of the drive system. If the
inverter operates, for example, in the six-step mode, the switch-
ing state of the inverter is totally determined. There is no DOF
for controlling the output voltage. To overcome these problems,
an integrated high-voltage to low-voltage dc–dc converter with
galvanic isolation is proposed in this paper. Depending on the
actual distribution system, this converter can be used to convert
200–600 V to 14 V or 42 V bidirectionally.

The starting point for the following consideration is a con-
ventional full-bridge converter feeding a high-frequency trans-
former [see Fig. 3(a)], whose high-frequency output is rectified
to the output voltage Vout . The secondary-side rectifier could be
a conventional full-bridge configuration, or a diode rectifier, if
only the unipolar power transfer is required.

In a first step, the fifth leg [i.e., leg5 in Fig. 3(a)] of the
conventional system is replaced by the zero-sequence voltage.
There, the transformer is connected between the star point and
the midpoint of the primary-side leg four [see Fig. 3(b)]. This

concept is referred to as the multifunctional converter system I
(MFCS-I) [10] in the following.

In a second step, the iron core of the motor could be used for
integrating the transformer, as shown in Fig. 3(c). Compared to
the conventional machine, there is an additional secondary wind-
ing for each phase. As these secondary windings are connected
in series, the total voltage appearing on the secondary side is
proportional to the zero-sequence voltage of the machine in the
no-load case. Section III gives a more detailed report of this
concept, referred to as the multifunctional converter system II
(MFCS-II) [11]. Other possibilities of using the iron core of the
motor or the input inverter for integrating the transformer are
presented in [12] and [13], but the concept proposed here saves
space compared to [12] and [13] because it does not need a
three-phase rectifier.

In this paper, the basic function of the first variant, the
MFCS-I, is explained, and it is shown by simulations and exper-
imental results that this concept works well. In Section II-A, the
basic operating principle of the MFCS-I is explained by studying
the zero-sequence voltage and introducing an equivalent circuit
for the dc–dc converter, followed by a more detailed analysis
in Section II-B that focuses on the control. The simulation re-
sults presented in Section II-C validate the analytical model.
Section II-D presents a detailed analysis of the zero-sequence
impedance and a motor model. The theoretical results are ver-
ified experimentally using a 3 kW prototype in Section II-E,
and the efficiency is analyzed in Section II-F. In Section III,
the second variant, the MFCS-II, is briefly discussed. Finally, a
conclusion is given in Section IV.

II. MFCS-I

In the MFCS-I, the transformer is connected to the star point
and the output of the fourth leg [i.e., leg4 , in Fig. 3(b)], thus
eliminating one leg of the full-bridge converter compared to the
conventional system.

A. Basic Principle of Operation—MFCS-I

Both concepts, MFCS-I and MFCS-II, are based on the uti-
lization of the zero-sequence voltage, whose definition and cal-
culation are summarized before the details of the concepts are
explained. The zero-sequence voltage of a three-phase system
is defined as

vz =
1
3
(vP 1 + vP 2 + vP 3) (1)

where vP 1 , vP 2 , and vP 3 are the phase-to-neutral voltages ap-
plied to the machine. Depending on the switching state of the
inverter, the zero-sequence voltage related to the negative bus
bar can be calculated as

vz =
Vin

3
(s1 + s2 + s3) (2)

where sν = 1 if sν is closed and sν is open, else sν = 0, and
Vin is the input voltage (see Fig. 3).

Fig. 4(a) shows the zero-sequence voltage for conventional
space vector modulation with an input voltage Vin = 50 V, a
switching frequency fsw = 10 kHz, an electrical angular motor
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Fig. 4. Zero-sequence voltage vz for M = 0.5, f = 25 Hz, fsw = 10 kHz,
and Vin = 50 V for (a) conventional and (b) flat top modulation.

Fig. 5. Equivalent circuit for the dc–dc converter.

frequency f = 25 Hz, and a modulation index M = 0.5. The
same signal is shown in Fig. 4(b) for flat top modulation, where
the phase with the highest absolute current value is clamped
to the positive bus if this current is positive; otherwise, it is
clamped to the negative bus.

If the inverter is operated in a six-step mode, the zero-
sequence voltage remains constant for a sixth of period of the
motor frequency. Without the leg, leg4 [see Fig. 3(b)], the six-
step operation would lead to a transformer voltage with a very
low frequency. In order to keep the transformer’s volume small
and to prevent the transformer from saturating, proper pulsing
of s4 and s4 is required.

For the dc–dc converter, the only important part of the
inverter–machine subsystem is the zero-sequence impedance
and the zero-sequence voltage vz , which can be calculated by
(2). Thus, the integrated dc–dc converter can be modeled, as
shown in Fig. 5. The time-dependent voltage source vz repre-
sents the zero-sequence voltage and vs4 describes the voltage
across ss4 [see Fig. 3(b)]. These two voltage sources are con-
nected to an LR circuit, modeling the machine’s zero-sequence
impedance. Voltage vt represents the transformer voltage [see
Fig. 3(b)].

It has to be mentioned that vz , as defined in (2), can only be
measured if no zero-sequence current flows; otherwise, it is a
theoretical quantity since there is a voltage drop vlr across L0
and R0 . The voltage measured between the star point and the
negative bus is equal to vz − vlr .

This system is similar to a full-bridge rectifier system, but as
the voltage vz applied to the system is neither average free (re-
lated to the switching frequency) nor free from even harmonics,
a conventional modulation scheme cannot be adopted.

In the actual implementation, an active rectifier is used to
guarantee that the voltage-time product across the transformer
remains below a predetermined level. The described dc–dc con-
verter is similar to a dual active bridge [14], [15]. A unidi-
rectional implementation with a diode rectifier would be an-

Fig. 6. Converter waveforms: zero-sequence voltage vz , voltage vs4 across
s4 , voltage vt1 across st1 , voltage vt2 across st2 , and transformer voltage vt .

other possibility, but in order to limit the voltage-time product
across the transformer, a special control approach has to be
implemented.

B. Control of MFCS-I

It is assumed, without loss of generality, that the motor is
driven with space vector modulation and the required switch
dead time is neglected.

It is clear that the average zero-sequence voltage over a
switching frequency period is not always V in

2 related to the
negative bus bar but may depend on the motor’s electric angle
ωt. The average can be calculated as

vzav g =
U1

3
(δs1 + δs2 + δs3) (3)

where δsν is the relative OFF time of sν , depending on the motor’s
angle and the actual modulation index. To avoid saturation of
the transformer, it is necessary that the applied voltage does not
show a local average value. This restriction means for the fourth
leg, which compensates for the average value, that the relative
OFF time δs4 of ss4 is determined by the zero-sequence voltage
as

δs4 =
1
3
(δs1 + δs2 + δs3). (4)

The only DOF is the relative phase shift between the zero-
sequence voltage vz and the fourth-leg voltage vs4 , represented
by the angle ϕs4 (see Fig. 6).

Further, the voltage on the secondary side of the transformer
has to be average free, which means that the relative ON times
of st1 and st2 are 50% in steady-state operation. The angular
shifts of the switch voltages vt1 and vt2 are denoted by ϕt1 and
ϕt2 , respectively.
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The Fourier series of the three voltages vz , vs4 , and vt for the
switching frequency fsw can be described as

vz = az (0)+
∞∑

k=1

az (k)cos(kωsw t)

vs4 = as4(0)+
∞∑

k=1

as4(k)cos(kωsw t−kϕs4)

vt =
∞∑

k=1

at(k) [cos(kωsw t−kϕt1)−cos(kωsw t−kϕt2)] (5)

where ωsw = 2πfsw and

az (k ) =



−2Vin

3kπ
[sin(kπδa )+sin(kπδb )+sin(kπδc )], for k odd

2Vin

3kπ
[sin(kπδa ) + sin(kπδb ) + sin(kπδc )], for k even.

as4(k ) =




−2Vin

kπ
sin(kπδs4 ), for k odd

2Vin

kπ
sin(kπδs4 ), for k even.

at(k ) =

{
−2nVout

kπ
, for k odd

0, for k even.

(6)

As the system in Fig. 5 is an linear, time-invariant (LTI)
system, the steady-state current can be calculated by

it =
vz − vs4 − vt

Z0

=
∞∑

k=1

|G(jkωsw )|{az (k)cos(kωsw t + � G(jkωsw ))

− as4(k)cos(kωsw t−kϕs4+� G(jkωsw ))

− at(k)cos(kωsw t−kϕt1+� G(jkωsw ))

+ at(k)cos(kωsw t−kϕt2+� G(jkωsw ))}
(7)

where G(jkωsw ) is the transfer function from vlr to it , i.e., the
impedance at the frequency kω sw

2π .
The transferred steady-state power is

p = vtit

=nVout

∞∑
k=1

{
|G(jkωsw )|

kπ
2 sin

(
kϕt1 − kϕt2

2

)

×
[
az (k) sin

(
kϕt1 + kϕt2

2
+ � G(jkωsw )

)

−as4(k)sin
(

kϕt1 +kϕt2

2
−kϕs4 + � G(jkωsw)

)

−at(k)sin
(

kϕt1 +kϕt2

2
−kϕt1 + � G(jkωsw)

)

+at(k)sin
(

kϕt1 +kϕt2

2
−kϕt2 + � G(jkωsw)

)]}
.

(8)

Fig. 7. Dependency of power on ϕt1 and M for n = 14, Vin = 400 V, t = 0,
and ϕs4 = π .

When the turns ratio n of the transformer is increased, the power
that can be transferred through the converter increases, but if
n is increased above a certain value, the reactive power in-
creases as well. This reactive power results in higher device
stresses and higher losses since the phase shift angle has to be
increased. Therefore, the turns ratio for the prototype presented
in Section II-E is selected to be 14 in order to get a high effi-
ciency and to be able to transfer the required power for every
possible converter state.

As mentioned earlier, the phase shift angles ϕs4 , ϕt1 , and ϕt2
can be selected independently. In the actual implementation,
ϕs4 = π and ϕt2 = ϕt1 + π are selected because this choice
enables the maximum power transfer. Independent of the mod-
ulation factor, which is defined through the machine’s operating
point, it is possible to control the power through the variation
of ϕt1 , as shown in Fig. 7. The output power is also slightly
dependent on the machine’s electrical angle, but this influence
is small and it can also be eliminated with the variation of ϕt1 .
It is worth noticing that for the given parameter values, the max-
imum power that can be transferred from Vin to Vout (positive
power) is higher than the power that can be transferred from
Vout to Vin (negative power). In a normal, ideal, dual active
bridge converter, the positive and negative maximum powers
are equal [14]. As the resistance in the conventional dual ac-
tive bridge is quite small, reality matches the ideal operation
quite well. For the motor used in this paper, the zero-sequence
resistance is significantly higher because it was designed for
lower power levels (see Fig. 11). Thus, the voltage drop across
this resistance causes an unbalance between the positive and the
negative transferable power. Depending on the choice of n, Vin ,
and Vout , the positive or negative power maximum is higher.

Fig. 8 shows the actual controller. Other control schemes that
use the other DOFs (see Table I) will be described in future pub-
lications along with an analysis to select the best DOFs to use.

C. Simulation of MFCS-I

Simulations of the model in Fig. 3(b) are carried out with the
Simplorer software using the controller from Fig. 8, the machine
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Fig. 8. Output voltage control of the MFCS-I.

TABLE I
DOFS

Fig. 9. Simulation results for MFCS-I with parameters given in Table II.
(a) Phase currents and output voltage. (b) Zoom: Converter voltages (as intro-
duced in Fig. 5).

TABLE II
PARAMETERS OF THE MFCS

model from Fig. 14 (explained in Section II-D), and a resistive
load. Fig. 9 shows the simulation results for the prototype ma-
chine described in Section II-E with the parameters given in
Table II. It can be seen that the output voltage, and thus, the
output power are constant over one motor period. Furthermore,
the voltage-time product of the transformer is below the desired
value, and saturation is avoided.

In Table III, the characteristic results of the simulation are
listed. As the zero-sequence resistance of the investigated ma-
chine is quite large, an efficiency of only about 70% is reached.
Since the machine is not intended for use in automotive ap-

TABLE III
SIMULATION RESULTS OF MFCS I

plications, an asynchronous motor for a parallel hybrid car is
also measured. The measurement shows that the impedance is
significantly smaller. For a relevant machine like this, the effi-
ciency of the dc-to-dc conversion is above 85%. The efficiency
can be further increased by choosing a new control scheme and
including the DOFs specified in Table I, as will be shown in
future publications.

D. Detailed Analysis of the Zero-Sequence Impedance

Today, a 2-D finite-element method (FEM) is typically used
for analyzing the electromagnetic field and performance of elec-
tric machines. The high frequency of the zero-sequence voltage
causes additional problems since the magnetic flux is reduced
and the losses are increased due to eddy currents, and the skin
and proximity effects must be taken into account in the wind-
ings and laminated iron core. The conductors of the windings
can be discretized using a dense finite-element mesh. Due to the
high-frequency eddy currents in the iron core, the magnetic field
distribution is nonuniform over the thickness of the laminations,
making the problem 3-D in addition to being time-dependent
and nonlinear. In practice, it is impossible to model the eddy
currents in each separate lamination, and homogenization tech-
niques have been developed for the time-domain analysis of the
problem [16]. In the linear case, the skin effect can be easily
included in a frequency-domain analysis, provided that complex
permeability can be used in the finite-element software (see [17]
and [18]).

Fig. 10(a) illustrates the magnetic field strength and current
density distributions over the thickness d of a single lamina-
tion. The winding currents flowing in the y-direction produce
a magnetic field strength in the z-direction, and the sinusoidal
variation of the magnetic field strength induces the eddy current
density Jy (x) in the y-direction. The higher the frequency is, the
more the magnetic field strength Hz (x) is reduced in the middle
of the lamination due to eddy currents, as shown in Fig. 10(b).
The magnetic field strength is given by

Hz (x) = H0

cosh
(

1 + j

δ
x

)

cosh
(

1 + j

δ

d

2

) (9)

where H0 is the field strength at the surface of the lamination
and δ = 1√

2πf σµ
is the skin depth, f being the frequency, σ

the conductivity, and µ the permeability. In order to include this
effect in the FEM simulation, the laminations are replaced by a
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Fig. 10. Core lamination model and magnetic field, and magnetic field dis-
tribution in the lamination. (a) Modelling of the machine’s lamination by a
y–z-direction infinite sheet. (b) Magnetic field in the lamination.

Fig. 11. Measured and simulated zero-sequence impedance of the syn-
chronous motor. Lamination parameters for the simulation: thickness d =
0.5 mm, initial permeability µ0 = 100, conductivity σ = 4 MS/m. (a) Zero-
sequence resistance. (b) Zero-sequence inductance.

nonconductive material with complex permeability [19]

µ
e

= µ

tanh
(

1 + j

δ

d

2

)
1 + j

δ

d

2

. (10)

The zero-sequence impedance is analyzed using the 2-D FEM
analysis of the COMSOL software. Fig. 11 shows the results of
the measurements (solid) and FEM simulations. The deviations
of the simulated resistance from the measured one are below
12% in Fig. 11(a). Reasons for this difference are that the geo-
metrical details of the machine are not known exactly and that
neither the end windings nor the cabling are taken into account.
The deviation of simulated inductance from the measured one
in Fig. 11(b) is due to the same reason. As the end winding
inductance is not negligible, it should be considered. The end
winding leakage inductance can be approximately calculated,
as in [20], by

Lew = 2n2plewµ0λew (11)

Fig. 12. Measured and simulated zero-sequence impedance for a 15 kW mo-
tor. Lamination parameters for the simulation: thickness d = 0.2 mm, initial
permeability µ0 = 250, conductivity σ = 2.8 MS/m. (a) Zero-sequence resis-
tance. (b) Zero-sequence inductance.

where n is the number of winding turns in series per strand, p
the number of pole pairs, lew the average length of the coil ends,
and λew the end winding leakage factor. For the actual motor
with n = 30, p = 4, lew ≈ 9.5 cm, and λew ≈ 0.35, it follows
for the zero-sequence inductance Lew0 = L e w

3 ≈ 10 µH. After
adding this end winding leakage inductance, it is obvious that the
simulation for the inductance also matches rather well, which is
shown by a dotted line in Fig. 11(b).

Electrical machines used in hybrid cars usually have higher
power ratings than the prototype machine. The relative resis-
tance (i.e., the per-unit resistance) decreases with machine size,
and so do the relative resistive losses as well as the relative iron
losses. Therefore, the zero-sequence resistance for machines in-
tended for hybrid vehicles is smaller than that of the prototype
machine even for high frequencies, which means that the losses
decrease and the efficiency increases significantly for the real
application. These considerations are confirmed by the measure-
ment (solid) and simulation of the zero-sequence impedance of
a 15 kW machine for automotive applications, as shown in
Fig. 12. Since the machine has only one pole pair, and as it is
rather short compared to the diameter, the end winding has a
larger influence and an estimate of the end winding impedance
is included in the simulation. The deviations in Fig. 12(a) of
the simulated resistance from the measured one are below 17%.
Again, reasons for this difference are that the geometrical details
of the machine are not known exactly and that the cabling is not
taken into account. The deviation of simulated inductance from
the measured one has the same reason, as in Fig. 12(b).

To find an adequate simulation model for the machine’s
impedance, the magnetic flux has to be investigated. The three
voltages vP 1 , vP 2 , and vP 3 excite a magnetic flux in the ma-
chine. One part of this flux, called the main flux Ψm , is linked
with all three phases. The other part of the flux, consisting of
the slot leakage flux, the end winding leakage flux, etc., is rep-
resented by the leakage flux Ψσ .

Fig. 13(a) shows a COMSOL simulation for symmetrical, si-
nusoidal three-phase currents, and Fig. 13(b) for zero-sequence
currents. Suppose there is no saturation, then the main flux of the
individual winding phases sum up to zero due to the spatial dis-
tribution if a zero-sequence current flows through the machine.
Therefore, a zero-sequence current excites only a leakage flux.
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Fig. 13. COMSOL simulation of the magnetic flux for (a) symmetrical, sinu-
soidal currents and (b) zero sequence current.

Fig. 14. Simplified equivalent circuit of the motor.

Fig. 15. Equivalent circuit representing the frequency-dependent R0 and L0
in Fig. 5.

Although the local flux is influenced by the zero-sequence
current, the total torque is not. Due to the spatial distribution
of the zero-sequence current, the forces cancel to zero, and
consequently, the total torque of a machine with zero-sequence
current is equal to the one of a machine without zero-sequence
current.

To model these effects, the equivalent motor circuit depicted
in Fig. 14 is used. As the losses due to skin and proximity effects
and the core losses are frequency dependent, the resistance R0
changes with the frequency. The same applies to the inductance
L0 . Fig. 15 shows the four-step R–L ladder circuit for model-
ing the frequency dependence of the zero-sequence impedance.
The parameters presented in Table IV were calculated to fit the
measured impedance of the machine shown in Fig. 11. The mu-
tual inductances also depend on the frequency, but as only the
zero-sequence current is relevant for the dc–dc converter, this
effect is omitted in the equivalent circuit.

E. Design and Experimental Results of MFCS-I

To verify the functionality of the proposed MFCS-I, a syn-
chronous motor with accessible star point (and integrated sec-
ondary windings in order to also allow the evaluation of
MFCS-II) with the parameters given in Table V has been

TABLE IV
PARAMETERS FOR THE EQUIVALENT CIRCUIT IN FIG. 15

TABLE V
PARAMETERS OF THE PROTOTYPE

Fig. 16. Three-kilowatt permanent magnet synchronous motor with accessible
star point (and secondary windings for MFCS-II).

Fig. 17. Active secondary-side rectifier.

designed. Fig. 16 shows the motor with the extra windings as
described in Section II-F.

The motor is driven by a 6.8-kW three-phase back-to-back
converter. The converter’s inverter stage, fed from an external
dc-link voltage, is used to drive the motor. The converter’s rec-
tifier stage is unused apart from one leg, which serves as the
fourth leg in Fig. 3(b).

In the test system, the active output rectifier shown in Fig. 17 is
used. The target system is assumed to include a 50 kW machine,
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Fig. 18. Measurement of the zero-sequence voltage for a modulation index of
M = 0.5 and an input voltage Vin = 50 V.

the dc–dc converter having a nominal power of 1.5 kW and a
maximum power of 5 kW. This leads from the 3-kW prototype
machine to a dc–dc converter with a nominal power of 90 W
and a maximum power of 300 W.

The results of the zero-sequence voltage measurement in
Fig. 18 and the simulation in Fig. 4(b) match very well. The
measurement of the zero-sequence impedance in Fig. 11 shows
the high zero-sequence resistance, but as already stated, this
problem will not occur in hybrid cars since electrical machines
with low resistance are used (see Fig. 12).

Finally, the measurements in Fig. 19 show the results for the
operation of the MFCS-I. The machine rotates at 370 r/min
with an input voltage of 150 V, transferring 90 W via the
dc–dc converter. It is obvious that it is possible to transfer power.
Furthermore, the measurements agree very well with the sim-
ulations shown on the right, which were performed with the
model presented in Section II-C.

F. Efficiency

In order to compare the presented MFCS-I to conventional
converters, the efficiency has been measured for the prototype
system. Then, analytical expressions are formed and scaled to
higher power ratings in order to evaluate the efficiency at the
power ratings typically used in hybrid cars.

To find the analytical expressions, the prototype motor’s
impedance is measured (cf. Section II-D) as well as the trans-
former’s impedance, and their frequency-dependent analytical
models are formed. The conduction parameters for the switches
are taken from the datasheets. With these impedances, analyti-
cal expressions for the different currents and their rms values,
respectively, have been determined and are similar to (7). In
addition, the switching losses have been measured and put in an
analytic function, thus allowing calculation of the total losses.
The equations have been validated with the prototype and they
correspond very well with the measurements. For the setup de-
scribed in Fig. 19, an efficiency of 60% was measured. As shown
in Table VI, the main losses occur in the motor. This is caused
by the relatively large zero-sequence resistance of the motor at
the switching frequency, as described in Section II-D.

Since the zero-sequence resistance of machines used in hy-
brid cars is usually smaller (see Section II-D) and since the

Fig. 19. Measurement and simulation results obtained with the test sys-
tem. The input voltage Vin = 150 V, output voltage Vout = 14 V, trans-
ferred power pdc−dc = 90 W, rotational speed n = 370 rpm. (a) Measurement.
(b) Simulation (dashed) and measurement.

TABLE VI
LOSSES FOR THE PROTOTYPE SYSTEM WITH THE INPUT VOLTAGE Vin = 150 V,

OUTPUT VOLTAGE Vout = 14 V, TRANSFERRED POWER pdc−dc = 90 W,
ROTATIONAL SPEED n = 370 R/MIN

calculations and the measurements do agree very well, the effi-
ciency calculations have been scaled. The target system drives
a 50 kW machine from a 200–500 V bus and the dc–dc con-
verter transfers nominal 1.5 kW (maximal 5 kW) to the 14 V
bus. The target motor’s parameters were retrieved from the mea-
surements presented in Section II-D. Appropriate switches, i.e.,
200 A/1200 V insulated-gate bipolar transistors for the high-
voltage side and eight parallel 75 A/40 V MOSFETs for the low-
voltage side, and transformers were chosen and their switch-
ing and conduction parameters determined from measurements
and/or their datasheets. The calculation typically yields efficien-
cies above 85% for a typical hybrid car converter system.
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Fig. 20. Transformer integrated into the motor.

III. MFCS-II

In a second integration step, the galvanic isolation of Vout can
also be integrated into the motor [see Fig. 3(c)] in order to reduce
the costs and weight further. To do so, additional windings must
be placed in the slots together with the conventional windings.

Fig. 20 shows a simplified sketch of the integration of the
transformer proposed for the MFCS-II. The conventional motor
windings act as the primary windings of the three transformers,
and the additional windings form the secondary windings. The
stator iron core of the electric machine is used as the magnetic
core of the transformer. Further elaborations on the MFCS-II
are provided in [11] and [21].

As the transformer is integrated into the machine, only one
auxiliary bridge leg and a secondary rectifier are required to
realize an isolated dc–dc converter. In order to prove the func-
tionality of the MFCS-II, simulations similar to that presented
in Section II-C for the MFCS-I have been performed. The
motor/transformer parameters have been measured and imple-
mented in the simulation. In a next step, the hardware for the
MFCS-II is taken into operation and the simulations are verified.

IV. CONCLUSION

By integrating the dc–dc converter, which connects the low-
and high-voltage buses of a hybrid vehicle, into the traction in-
verter and electrical machine, the total system costs and weight
can be reduced. In this paper, a new concept for integrating
the converter is presented and verified by simulations and mea-
surements. With the first concept MFCS-I, the inverter and the
machine are used to implement a primary bridge leg of an iso-
lated full-bridge dc–dc converter. In addition to the MFCS-I, the
MFCS-II is briefly described in this paper. The second concept
offers an even higher degree of integration, since it allows one
not only to replace one leg of the dc–dc converter by the inverter
stage, but also to fully integrate the transformer in the machine.

In order to validate the MFCS-I concept, a scaled prototype
with a 3-kW prototype machine and a 90-W dc–dc converter has
been constructed. The resulting measurements agree very well
with the simulations and the analytical models. Furthermore,
the zero-sequence resistance of the machine, which has signif-
icant influence on the system performance, has been analyzed
by FEM simulations, and agrees very well with the measure-
ment values. Efficiencies of 60–70% were measured for phase
shift operation, but the efficiency might be increased with an
optimized switching scheme. Therefore, in a next step, differ-
ent control schemes with the DOFs described in Table I will
be analyzed. Further, the saturation in the machine has to be
examined.

Based on these analytical models, a target system with a
50 kW machine and a 1.5-kW dc–dc converter has been designed
for the MFCS-I concept, where an efficiency greater than 85%
is likely for the dc–dc converter with a conventional modulation
scheme. In a case where an optimized switching scheme is
applied, an efficiency above 91% could be reached.
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